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Abstract
In recent years, many countries have invested heavily in offshore wind energy. Despite its widespread adoption, offshore wind energy is still expensive compared to
other power generation options, including its onshore counterpart. The wind turbines’ support structures, which are comprised of the foundation and wind turbine
tower connected by a transition piece, represent a major component of the cost of
offshore wind energy harnessing. Support structure dimensions are governed by
load effects which, in turn, depend on the wind turbine’s control system. In effect,
the controls provide a means of reducing the cost of support structures. The overall
objective of this thesis is to develop methods for using the wind turbines’ control system to make their support structures more economically viable. The focus is on the
current and coming generation wind turbines in the double-digit megawatt range,
supported by large-diameter monopile foundations.
The methods developed in this thesis can be broadly divided into two categories:
(i) control strategies aimed at reducing load effects in support structures, and (ii)
design methodology for optimizing the use of these control strategies. The loadreducing controls produce potentially costly side-effects. A major focus of this thesis
is to reduce these side-effects at both the turbine and wind farm level. All of the presented work is carried out in the context of a 10MW monopile-supported reference
wind turbine located at the Dogger Bank in the North Sea. The majority of the results are obtained from aero-hydro-servo-elastic simulations. Some control theoretic
results are obtained from a reduced-order offshore wind turbine model.
Reducing structural responses by means of collective pitch control—frequently
referred to as tower feedback control—is by a wide margin the most effective strategy for increasing the fatigue life of support structures. Conventional tower feedback control has several shortcomings, including undesirable coupling with the wind
turbine’s basic control system and a limited frequency range of effectiveness. It is
found that these shortcomings can be effectively mitigated by incorporating a proportional term (stiffness) into the tower feedback loop. As a result, the side-effects
of tower feedback control are reduced at the turbine level.
Another design methodology that can be useful for reducing the turbine-level
side-effects is event-triggered use of the load-reducing controls. Tradespace exploration is employed to examine the effect of different trigger criteria on the trade-off
between load effect reduction and side-effects. It is found that side-effects can be reduced by adopting such an approach, depending on the control strategy being used
and the side-effect under consideration. In any case, event-triggered control provides a practical means of achieving a certain level of load effect reduction without
performing any turbine-specific tuning of the controls.
In order to reduce side-effects at the wind farm level, it is necessary to customize
the controls for each individual turbine. One option is to customize the controls in
connection with the detailed structural design. In the basic design phase, the support structures are grouped into clusters and designed for the turbine locations givi

ing the highest load effects. In effect, safety margins will differ among the support
structures within a farm. It is found that the safety margins of support structures can
be effectively equalized by turbine-specific customization of load-reducing controls.
Side-effects are then reduced at the wind farm level since they are isolated to the
design-driving turbine locations.
It is also possible to customize the controls after the turbine is installed. The emergence of reliable monitoring systems has enabled the collection of post-installation
structural health data. The present work shows that, for the majority of turbines, a
post-installation structural safety assessment will reveal better than expected structural safety performance. Thus, if load-reducing controls have been adopted in the
structural design process, it will be concluded that it is unnecessary to use these
to their fullest potential during actual operation. Consequently, the use of loadreducing controls and their associated side-effects can be significantly reduced at
the wind farm level.
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Chapter 1

Introduction
This chapter introduces and outlines the research problem addressed in this thesis.
First, some background and motivation for the research is given. Next, the research
questions and objectives are presented. Then, the main contributions are summarized. Finally, the publications prepared over the course of this thesis work are listed
before the remaining thesis chapters are outlined.

1.1

Motivation and background

A growing number of countries are investing heavily in wind energy. The majority
of wind farms are located onshore, but over the past decade offshore wind energy
has gained a significant share of the market. While it might appear that offshore
wind energy has reached a point where it is considered a fairly safe investment, it is
still in active competition with other power generation options, including its onshore
counterpart. The levelized cost of energy is a measure frequently used to compare
different forms of power generation. Even though such estimates are highly uncertain, they provide a useful indication of the competitive status of the offshore wind
industry. Gas-fired power generation—the benchmark against which renewable energy generation is most often compared—is estimated to cost between $40/MWh
and $80/MWh (Milborrow, 2018; Lazard, 2017). Recent estimates place the unsubsidized generation cost of onshore wind energy between $30/MWh and $60/MWh,
thereby suggesting that natural gas is about to be overtaken as the cheapest source
of energy—at least in some regions of the world (Lazard, 2017; IRENA, 2017; BNEF,
2016; Cole et al., 2018). A similar development has taken place in the generation cost
of solar power which, following a rapid decline over the past years, is now closing
in on that of onshore wind. In contrast, the cost of offshore wind energy generation
is between $100/MWh and $200/MWh, more than twice that of its onshore counterpart (Milborrow, 2018; Cole et al., 2018). The offshore wind industry is expected
to become more cost-competitive over the coming years, but this will require significant efforts from all stakeholders, including the research community.
1
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While it is difficult to give an exact breakdown of the cost of offshore wind energy generation, some rough estimates can be made. The two major cost components
are the turbines (∼25%) and operation & maintenance (∼25%), closely followed by
support structures (∼15%) and assembly & installation (∼15%) (Smith et al., 2015).
Wind turbine size is widely considered to be the primary driver of costs. Deploying
larger-sized wind turbines allows for more efficient energy harvesting as the wind
resource increases with height. But more importantly, it allows the same amount of
power to be generated with fewer machines, thereby reducing the balance-of-system
costs (Smith et al., 2015). There is a rapid increase in the size of offshore wind turbines. Between 2010 and 2017, the average capacity rating of wind turbines deployed
in European waters doubled from 3MW to 6MW (WindEurope, 2010, 2017). It is also
worth mentioning that 2018 saw the launch of the first commercially available 10MW
wind turbine. Not only do these larger turbines require larger equipment and vessels for their transportation and installation, but larger foundations are needed to
support them.1 The adoption of larger turbine sizes therefore goes hand in hand
with advances in foundation technologies. Of particular strategic importance is the
question of which type of foundation to use.
Monopile foundations are widely preferred for their ease of fabrication and installation. More than 80% of wind turbines in European waters are supported by
monopiles (WindEurope, 2017). Jackets are usually the preferred foundation type
when turbine size or water depth makes monopiles impractical or uneconomical
(Seidel, 2014). Improved fabrication processes and installation vessels with increased
pile-driving capacity have extended the application range of monopiles beyond practical limits that were thought to exist only a few years ago (Smith et al., 2015; Seidel,
2014). A notable example is the recently commissioned Veja Mate wind farm in the
German Bight where monopiles support 6MW wind turbines in up to 40m water
depths. These foundations have a diameter of up to 7.8m (Negro et al., 2017). A number of foundation suppliers are capable of delivering so-called extra-large monopiles
and it is expected that monopiles with diameters up to 10m will become a reality
in the near future (Smith et al., 2015; Seidel, 2014; Kallehave et al., 2015). Looking
ahead, jackets are expected to see their market share increase as wind farms move
into deeper waters and wind turbines continue to grow in size. The adoption rate
of jackets is, however, lower than expected, largely owing to the emergence of extralarge monopiles (Smith et al., 2015).
There are several compelling arguments for extending the application range of
monopiles rather than adopting other types of foundations (Kallehave et al., 2015;
Seidel, 2014). First, developing new supply chains is expensive and time-consuming.
The continued use of monopile foundations allows the industry to further develop
an already mature and well-resourced supply chain. Second, monopiles allow for
a high degree of standardization in the supply chain. Thus, there is a large potential for realizing savings through economies of scale and improvements in produc1 The

support structure is broadly comprised of the foundation and wind turbine tower connected by
a transition piece.
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tivity. Third, since many monopiles have been in service for some time, they are
becoming a mature and well-proven technology. The existence of a track record is
important not only from a technical perspective, but also from an economic perspective as banks and insurers prefer proven technology. In a long-term perspective,
monopiles are generally considered to be an interim solution. The lack of investment
in other foundation technologies could affect the cost of future offshore wind projects
in deeper waters (Catapult, 2015; Smith et al., 2015). The wide range of research and
demonstration projects focused on other technologies, such as floating foundations,
are therefore essential to the continued growth of the offshore wind industry beyond
the coming decade. Nevertheless, the focus of this thesis is on methods that can be
used to extend the application range of monopiles.
A continued extension of the application range of monopiles presents some challenges. One is simply the size and weight of the foundations. Larger and heavier
foundations are more expensive to fabricate, transport and install. Furthermore,
the vessels used for installing the monopiles are typically limited by lifting capacity (Seidel, 2014). Reducing the dimensions of monopiles is therefore essential not
only to make them more economically viable, but also to make their installation feasible for a wider range of vessels. The wave loads on the foundation poses another
challenge. The structural design of large-diameter monopiles is to a large degree
governed by wave loads. Yet, for economic reasons, the first bending mode of the
support structure usually occurs at a frequency close to or within the range of wave
excitation frequencies. The wave-induced responses are therefore sensitive to variations in the natural frequencies and damping ratios. Since these parameters depend
on the site-specific conditions (soil conditions, water depth), there is a greater need
to customize large-diameter monopiles for their specific location in the wind farm.
Moreover, their structural design is becoming even more sensitive to uncertainties
in soil conditions and environmental characteristics (Seidel, 2014).
Support structure dimensions are governed by the ultimate, serviceability, and
fatigue loads encountered over the lifetime of the wind turbine. These loads, in
turn, depend on the wind turbine’s control system. The fatigue loads depend on the
closed loop properties of the structure (natural frequencies, damping ratios), and the
ultimate and serviceability loads depend on the operational settings of the turbine
(cut-out wind speed, rated wind speed). In effect, the wind turbine’s control system
provides a means of reducing support structure dimensions. This is most effectively
achieved by using control strategies aimed specifically at reducing load effects in
the support structure (Bossanyi, 2003; Van der Hooft et al., 2003). While effective,
these control strategies have unavoidable side-effects that may reduce or offset potential cost savings (Fischer, 2012). Reducing these side-effects is therefore essential
in enabling more widespread use of load-reducing controls.2 Side-effects may be reduced at both the turbine and wind farm level. Reducing side-effects at the turbine
level can be achieved by either developing better control strategies or optimizing
2 Load-reducing

controls is a collective term used to describe control strategies aimed at reducing load
effects in the support structure.
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the way control strategies are used. Either way, the overall objective is to achieve
maximum load effect reduction with minimum side-effects. Offshore wind turbines,
unlike many other mass produced machines, must be designed or at least adapted
specifically for their intended location. Thus, side-effects can be reduced at the wind
farm level by customizing the load-reducing controls for each turbine. Moreover, a
turbine-specific customization of the controls can provide a buffer against uncertainties and simplifications in the structural design process. Load-reducing controls can
therefore be useful for reducing not only design-driving load effects, but also design
conservatism.

1.2

Research questions and objectives

The overall objective of this thesis is to develop methods for using the wind turbines’
control system to make their support structures more economically viable. The focus is on large-diameter monopile foundations supporting the current and coming
generation of wind turbines in the double-digit megawatt range. The methods developed in this thesis all make use of control strategies aimed at reducing load effects
in the support structure. While such control strategies are useful for reducing the
cost of support structures, they unavoidably produce side-effects which may reduce
or offset potential savings. Hence, a major focus of this thesis is to increase the efficiency of control strategies in terms of their side-effects. The thesis addresses the
following research questions:
Q1 How can the wind turbines’ control system be used to reduce the cost of support
structures?
Q2 How do control strategies for reducing the cost of support structures affect other
wind turbine components and subsystems?
Q3 How can control strategies for reducing the cost of support structures best be
used in order to minimize adverse side-effects?
All of the work presented in this thesis is carried out in the context of a 10MW
monopile-supported reference wind turbine located at the Dogger Bank in the North
Sea. The majority of the results are obtained from aero-hydro-servo-elastic simulations. Some control theoretic results are obtained from a reduced-order offshore
wind turbine model.

1.3

Scientific contributions

In accordance with the overall research objective, the main contribution of this thesis is methods that make use of the load-reducing capabilities of the wind turbine’s
control system to make support structures more economically viable. This general
contribution consists in the development of both new control strategies and methods to increase the efficiency of existing control strategies. The contributions are
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discussed in greater detail in Chapter 3 and are only briefly summarized here. The
general contributions of this thesis are
C1 Analysis and assessment of the effects of control strategies for reducing the cost
of support structures.
C2 Methods for increasing the efficiency of load-reducing controls at the wind turbine level.3
C3 Methods for increasing the efficiency of load-reducing controls at the wind farm
level.

1.4

Publications

Several publications have been prepared over the course of this thesis work. The
following journal publications are appended:
P1 Emil Smilden, Erin E. Bachynski, Asgeir J. Sørensen, Jørgen Amdahl (2018). Sitespecific Controller Design for Monopile Offshore Wind Turbines Published in the
Journal of Marine Structures, 61, 503-523
P2 Emil Smilden, Erin E. Bachynski, Asgeir J. Sørensen, Jørgen Amdahl (2018).
Wave Disturbance Rejection for Monopile Offshore Wind Turbines Published in
the Journal of Wind Energy, 22(1), 89-108
P3 Emil Smilden, Stian H. Sørum, Erin E. Bachynski, Asgeir J. Sørensen, Jørgen
Amdahl (2018). Post-Installation Adaptiation of Offshore Wind Turbine Controls
Under review for publication in the Journal of Wind Energy
The following publications have been prepared over the course of this thesis work,
but are not appended:
Emil Smilden, Erin E. Bachynski, Asgeir J. Sørensen (2017). Key Contributors to
Lifetime Accumulated Fatigue Damage in an Offshore Wind Turbine Support
Structure. In ASME 2017 36th International Conference on Ocean, Offshore and Arctic
Engineering, pages V010T09A075V010T09A075. American Society of Mechanical
Engineers.
Emil Smilden, Jan-Tore H. Horn, Asgeir J. Sørensen, Jørgen Amdahl (2016). Reduced Order Model for Control Applications in Offshore Wind Turbines IFACPapersOnLine, 49(23), 386-393.
Emil Smilden, Lene Eliassen, Asgeir J. Sørensen (2016). Wind Model for Simulation
of Thrust Variations on a Wind Turbine. Energy Procedia, volume 94, pages 306318.
3 Efficiency

refers to the amount of adverse side-effects a control strategy produces in the process of
reducing load effects in the support structure.
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Emil Smilden, Asgeir J. Sørensen (2016). Application of a Speed Exclusion Zone
Algorithm on a Large 10MW Offshore Wind Turbine. In ASME 2016 35th International Conference on Ocean, Offshore and Arctic Engineering, pages V006T09A051V006T09A051. American Society of Mechanical Engineers.
Stian H. Sørum, Emil Smilden, Jørgen Amdahl, Asgeir J. Sørensen (2018). Active
Load Mitigation to Counter the Fatigue Damage Contributions From Unavailability in Offshore Wind Turbines. In ASME 2018 37th International Conference on
Ocean, Offshore and Arctic Engineering, pages V010T09A061-V010T09A061. American Society of Mechanical Engineers.

1.5

Outline of the thesis

The thesis is divided into the following chapters:
Chapter 2 - Offshore Wind Turbine Design Principles: The basics of offshore wind
turbine design are discussed in this chapter. First, the models used to describe
the marine environment are presented. Next, numerical tools for offshore wind
turbine analysis are discussed. Then, key stages and considerations in offshore
wind turbine design are discussed. Finally, a description of basic wind turbine
control functionality is given.
Chapter 3: Contributions The main contributions of the thesis, which were briefly
introduced in Chapter 1.3, are discussed in this chapter. Each of these contributions is described in terms of more specific sub-contributions.
Chapter 4: Conclusions and Suggestions for Future Work This chapter concludes
the thesis and provides some suggestions for future work.
Appendix A: Appended Publications

Chapter 2

Offshore Wind Turbine Design
Principles
Environment, Simulation, and Design Practices

This chapter describes the basics of offshore wind turbine design. First, the models
used to describe the marine environment are presented. Next, numerical tools for
offshore wind turbine analysis are discussed. Then, the key stages and considerations in practical offshore wind turbine design are discussed. Finally, a description
of basic wind turbine control functionality is given.
Given the cost-sensitive nature of offshore wind energy harnessing, significant
effort is made to develop cost-effective and reliable designs. Yet, offshore wind turbines are subjected to a wide range of stochastic loading conditions over their service
life. The evaluation of potential designs therefore requires extensive analysis. Numerical analysis is widely used for designing offshore wind turbines. In order to
identify critical loading conditions, design guidelines require the consideration of
load cases covering all relevant combinations of environmental conditions (wind,
wave, current, ice), operating states (power production, idling, parked, start-up,
shut-down, fault occurrences), and accidental states (ship collision, fire) (DNV GL
ST-0437, 2016). Despite the development of more efficient codes and more powerful
computers, numerical analysis remains computationally expensive. Techniques for
reducing analysis complexity and the number of simulations are therefore an essential part of offshore wind turbine design.
Figure 2.1 illustrates some of the loading conditions an offshore wind turbine is
subjected to over its service life. This thesis is mainly focused on “normal” loading
conditions. Hence, extreme or unusual events and possible deterioration phenomena will not receive much attention. Neither will ocean currents or the effects of
interaction between turbines.
7
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Figure 2.1: Considerations in the design of offshore wind turbines.

2.1

Environmental descriptions

Depending on the application and stage in wind farm development process, environmental data of varying accuracy may be used. In early-stage activities, such as
wind farm prospecting, environmental data may be sourced from publicly available
databases, or generated using commercially available software tools. Most stages
of wind farm development, including the structural design process, are, however,
carried out using environmental data collected on-site (Burton et al., 2011).

2.1.1

Wind

In general, a fairly accurate representation of the wind’s temporal and spatial variations is needed to properly evaluate the safety and performance of wind turbine
systems. Information about the site-specific wind conditions is often collected using
on-site meteorological towers. In order to capture the wind’s diurnal and seasonal
variability, data from these towers is recorded over at least a one year period. Furthermore, inter-annual variability is captured by adjusting the data using long-term
records from available databases or well-correlated weather stations (Bailey et al.,
1997; Brower, 2012). At a given point in space, the wind speed consists of longitu-
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dinal, lateral, and vertical components which may exhibit variations on time scales
ranging from seconds to decades (Burton et al., 2011). However, for most practical
purposes, the wind speed can be described as the sum of its slowly-varying mean
values and rapidly-varying turbulent components.
The mean longitudinal wind speed, which is directed along the main wind direction, is often assumed to be the only non-zero mean component. The wind speed
does not vary considerably on time scales between those of the short-term variations
(turbulence) and diurnal variations. Thus, the mean wind speed can be defined for
periods of ten minutes to a few hours without significant violation of the stationarity
assumption (Burton et al., 2011). In this thesis, mean wind speed data with a temporal resolution of three hours is used.
Short-term temporal variations in the wind speed are usually described in terms
of statistical properties. Turbulence intensity, defined as the ratio of the wind speed’s
standard deviation to its mean, is a widely used descriptor of the overall level of turbulence (Burton et al., 2011). For design purposes, the turbulence intensity is often
treated as a function of the mean wind speed. In the absence of site-specific data, the
turbulence intensity models recommended by design guidelines, such as IEC 614001 (2005), may be used. The appropriate choice of turbulence intensity model depends
on the site’s wind characteristics. The IEC Class B normal turbulence model, which
is applicable for sites with moderate levels of turbulence, is used in this thesis. The
frequency content of the turbulence components is described by so-called turbulence
spectra. Several models are available for generating time series of three-dimensional
wind fields. The Kaimal and von Karman models make use of a one-dimensional
fast Fourier Transform (FFT) to generate independent time series from turbulence
spectra. In contrast, the Mann model makes use of a three-dimensional FFT to generate correlated turbulence components (Burton et al., 2011).
The mean longitudinal wind speed increases with height. This meteorological
phenomenon — referred to as vertical wind shear—causes load variations at multiples of the blade-passing frequency. Wind shear is typically modeled using either a
logarithmic or a power law function. The appropriate choice of wind shear model
depends on the atmospheric conditions and the type of terrain (Burton et al., 2011).
The standard IEC 61400-1 (2005) recommends a power law with exponent 0.14 for
offshore conditions.

2.1.2

Ocean waves

Ocean waves consist of a large number of wind-generated components travelling in
various directions. The waves interact with each other, bottom topography, currents,
tides, coastlines, islands, and other obstacles, creating a complicated situation. Descriptions of ocean waves can be very complex depending on the structure under
consideration. Here, the focus is on theories and models that are typically employed
in the design of fixed offshore wind turbines.
For most practical applications, ocean waves can be reasonably approximated
with small-amplitude linear wave theory—often referred to as Airy wave theory.

10
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The theory is built on the assumption of uniform water depth and potential flow
(inviscid, incompressible and irrotational fluid flow) (Faltinsen, 1993). Airy wave
theory is used to simulate irregular sea by considering it as a linear superposition of
independent long-crested periodic wave trains with different frequencies and directions (Tucker and Pitt, 2001).
The waves’ energy at different frequencies is described by so-called wave spectra.
Wave spectra are estimated from short-term wave measurements under the assumption that the sea can be described as a stationary random process (Faltinsen, 1993). A
number of wave spectra are available. The single-peaked Pierson-Morskowitz (PM)
and JONSWAP spectra are widely used to describe locally generated waves. The
applicability of the PM spectrum is limited to fully developed seas, while the JONSWAP spectrum was developed as a modification of the PM spectrum to account for
fetch-limited (developing) seas (DNV GL RP-C205, 2014). Waves are in reality composed of both locally and non-locally generated components. A two-peaked spectrum, such as Torsethaugen’s spectrum, may be applicable in the presence of significant non-locally generated waves (swell) (DNV GL RP-C205, 2014). The present
work uses the JONSWAP spectrum which is appropriate for the conditions in the
North Sea.
Wave conditions can be considered to be stationary for periods of between twenty
minutes and six hours. Stationary wave conditions are typically characterized by a
set of statistics. The two most frequently used statistics are the significant wave
height and the peak period. The significant wave height is defined as the mean
height of the one-third highest waves, and the peak period is defined as the period
at which the waves have the highest energy density (Faltinsen, 1993).

2.2

Numerical tools

A number of numerical tools have been developed for simulating the coupled aerohydro-servo-elastic response of offshore wind turbines. At a minimum, these tools
take into account wind inflow, aerodynamics (aero), controls (servo), structural dynamics (elastic), incident waves, and hydrodynamics (hydro) (Jonkman and Musial,
2010). Figure 2.2 presents the basic structure of a coupled simulation environment
for offshore wind turbine analysis. In general, the different codes use different theories and computational methods. An overview of aero-hydro-servo-elastic codes
and their modeling capabilities is given by Jonkman and Musial (2010),Vorpahl et al.
(2013), and Popko et al. (2012). A description of typical aero-hydro-servo-elastic
codes is given here together with discussion of code verification and validation.

2.2.1

Aerodynamic capabilities

Spanning from one-dimensional momentum theory to the three-dimensional NavierStokes equations, a range of theories are available for calculating the aerodynamic
loads on wind turbines (Bachynski, 2014; Hansen et al., 2006). Most codes use the
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Figure 2.2: Outline of a typical time-domain numerical analysis tool for simulating the coupled aero-hydro-servo-elastic response of offshore wind turbines (A similar figure is presented
by Vorpahl et al. (2013)).

blade element momentum (BEM) method, originally proposed by Glauert (1935).
While BEM theory is often chosen for its computational efficiency, it requires several engineering corrections. Basic corrections are the Prandtl corrections for tipand hub-loss and the Glauert correction for large induction factors. Furthermore,
the codes usually feature semiempirical corrections to account for dynamic stall
and dynamic wake effects, and the effects of skewed and sheared inflow conditions
(Hansen et al., 2006). A number of codes offer the generalized dynamic wake (GDW)
method—described by Peters and He (1991)—as an alternative option to BEM theory.
Three-dimensional and unsteady effects such as dynamic wake effects, tip-loss, and
skewed wake aerodynamics are inherently accounted for with the GDW method.
Since the GDW method was developed under the assumption of a lightly loaded
rotor, it suffers from instabilities at low wind speeds. This and other shortcomings,
such as the inability to account for wake rotation, have led to the GDW method being
used in combination with BEM theory in practice (Moriarty and Hansen, 2005).

2.2.2

Hydrodynamic capabilities

The hydrodynamic loads on offshore wind turbines include contributions from waves
and current, wave radiation, and higher order effects. Waves can be modeled considering first or higher order incident waves, and with first or higher order wave
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load models (with or without near-field diffraction). How (and whether) these components are treated depends on the code being used and the type of substructure
(Robertson et al., 2014). For fixed offshore wind turbines, the wave kinematics are
normally calculated using Airy linear wave theory, second order Stokes theory, or
stream function wave theory. Further, most codes use Morison’s equation to calculate the wave loads (Jonkman and Musial, 2010). The hydrodynamic loads on
large diameter cylinders, such as offshore wind turbine monopile foundations, are
dominated by inertia loads. For extra large monopile foundations, diffraction effects
may come into play (Faltinsen, 1993). A few codes offer the option of calculating
the first order wave-induced inertia loads using the diffraction theory of MacCamy
and Fuchs (1954). While mostly applied for floating offshore wind turbines, an increasing number of codes also feature potential flow theory. Potential flow models
require using an offline panel code to compute radiation and diffraction matrices.
Since potential flow theory does not account for viscous effects, some codes add the
drag term in Morison’s equation to the solution (Robertson et al., 2017).

2.2.3

Structural capabilities

To capture the fully coupled response, the flexibility of the wind turbine’s rotor, support structure, and preferably drive-train need to be taken into account. Depending
on the code being used, the flexible structural components are modeled using multibody dynamics formulations, modal representation, finite element formulations, or
a combination of these (Vorpahl et al., 2013). Multibody dynamics codes use lumped
masses connected by multidimensional spring-damper elements to model slender
flexible components like the rotor and support structure. In general, this technique
is considered less accurate than modal analysis or finite elements models (Buhl et al.,
2000). Several popular codes use modal representation to model structural components. While computationally efficient and reasonably accurate, modal methods do
not take into account material and geometrical nonlinearities. In the case of large deformations, these nonlinearities should not be neglected. An additional drawback of
these codes is that they require accurate pre-processing of the wind turbine’s modes
(Bachynski, 2014). At the expense of computational efficiency, greater accuracy can
be achieved by using finite element models. Most available finite element codes use
a nonlinear beam element formulation to model the rotor and support structure. In
addition to capturing higher modes without pre-processing, this formulation can account for large deformations and geometrical nonlinearities (Bachynski, 2014).
The drive-train dynamics are usually taken into account using multibody dynamics formulations. If the shaft’s flexibility is neglected, the drive-train dynamics can
be described using only one rotational degree of freedom. Often, however, it is desirable to include a second rotational degree of freedom to capture the first torsional
mode of the drive-train. Typically, the shaft’s flexibility is accounted for by incorporating a torsional spring-damper element, or an equivalent beam element when a
finite element code is used.
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Control capabilities

Wind turbine design standards require the consideration of load cases covering all
relevant design situations, including power production, idling, start-up and shutdown, and fault conditions (DNV GL ST-0437, 2016). At a minimum, wind turbine analysis tools should therefore incorporate basic wind turbine control functions,
such as blade pitch and generator torque controls, and start-up and shut-down routines. Nearly all state-of-the-art codes incorporate control functions via a dynamic
link library (DLL). In addtion to providing basic control capabilities, these DLLs
contain routines that enable the incorporation of external user-defined control functions. Depending on which inputs and outputs are included in the DLL, this allows
for these tools to also be used for control design and analysis. Moreover, additional
dynamics, such as the blade pitch actuation and the generator response, can easily
be embedded as subroutines in the external controller.

2.2.5

Validation and verification

Despite their widespread use, there is still uncertainty surrounding the accuracy of
aero-hydro-servo-elastic codes. Due to a variety of reasons, codes are often verified
via code-to-code comparisons (Vorpahl et al., 2013). The first reason is that comparable full-scale measurements are difficult to obtain in practice. Environmental
conditions are challenging to characterize. Even if data is collected over a longer
time period, one may be unable to determine comparable loading conditions. A
second reason is that it may be difficult to identify the cause of any discrepancies between simulations and measurements. Code-to-code comparisons make it possible
to attribute discrepancies to differences in modeling and code capabilities. A third
reason is that access to full-scale measurements is limited. The data collected from
in-situ sensors may be incomplete or inaccurate, or the recording period may be of
insufficient duration to capture all relevant loading conditions. Moreover, for confidentiality reasons, wind turbine manufacturers and operators are generally reluctant
to share measurement data or to give out any detailed design information.
The OC3, OC4 and OC5 projects constitutes the most comprehensive code verification and validation effort to date (Jonkman and Musial, 2010; Popko et al., 2012;
Robertson et al., 2014, 2015, 2017; Popko et al., 2018). A large number of codes have
been and are being validated and verified through these projects which are carried
out in collaboration between universities, research institutions, and industry. The
OC3 project represented the first major effort aimed at verifying numerical tools for
offshore wind turbine analysis. The focus of this code-to-code comparison project
was to verify the simulated responses of an offshore wind turbine supported by different substructures (monopile, tripod, spar buoy) (Jonkman and Musial, 2010). The
OC4 project was an extension of the OC3 project to cover a wider range of substructures (jacket, semi-submersible) (Popko et al., 2012; Robertson et al., 2014). A detailed
description of the findings and conclusion of these projects can be found in the respective publications. Overall, the comparisons were successful in identifying the
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effect of different approaches in aero-hydro-servo-elastic modeling (Robertson et al.,
2017). The ongoing OC5 project has started the work of comparing codes against
experimental and full-scale measurements. The OC5 project is carried out in three
phases, using data from both bottom-fixed and floating systems (Robertson et al.,
2017).

2.3

Design practices

The offshore wind industry is relatively new and it is only quite recently that the
certification authorities have issued separate design guidelines for offshore wind
turbines. Several features differentiate these structures from other fixed offshore
structures. Offshore wind turbine (monopile) foundations have a high horizontalto-vertical load ratio, meaning that, unlike the foundations of most offshore oil and
gas installations, they are moment resisting. Further, they are unique in their high
diameter-to-length ratio, which makes their soil-structure interaction different from
conventional offshore foundations (Bhattacharya, 2014). For these reasons, monopiles
are less restrained against pile head rotation and deflection, making them prone to
cyclic soil degradation, especially in the upper soil layers. Furthermore, given their
squat nature, monopiles are prone to failure due to soil collapse under rigid body
rotations (Lombardi et al., 2013). Offshore wind turbines are also unique in their dynamic characteristics and loading conditions. The rotor generates a large thrust force
and dynamic loads at the rotor frequency and multiples of the blade-passing frequency. Moreover, since the support structure’s lightly damped fundamental bending mode usually falls close to the rotor and wave excitation frequencies, offshore
wind turbines exhibit high dynamic sensitivity. Therefore, as opposed to most offshore structures, fatigue loads are key design-drivers (Bhattacharya, 2014). A final
noteworthy feature is that offshore wind turbines are considered to be “low-risk”
in the sense that they pose little risk to humans or the environment (Vorpahl et al.,
2013). Thus, lower factors of safety can be accepted.

2.3.1

Limit state design

An offshore wind turbine may be subjected to a wide range of loading conditions
over its service life. In order to identify critical loading conditions, design guidelines require the consideration of extensive load cases covering all relevant combinations of environmental conditions (wind, wave, current, ice), operating states (power
production, idling, parked, start-up, shut-down, fault occurrences), and accidental
states (ship collision, fire) (DNV GL ST-0437, 2016). Which particular load cases are
design-driving depends on the type of foundation and the site-specific conditions,
such as the water depth and the environmental characteristics. On a broader level,
though, some main design-drivers can be identified. Overall, the structural design
of support structures is carried out in the context of the following limit states:
Ultimate limit state (ULS): The largest load effects of the support structure cannot
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exceed its load carrying capacities. Ultimate strength analysis involves extensive
simulations, covering plausible extreme loading events, such as extreme environmental conditions, fault occurrences, accident occurrences, or a combinations of
these (DNV GL ST-0437, 2016).

Serviceability limit state (SLS): The deflections and deformations of the support
structure during normal operation cannot exceed the tolerances for which the
wind turbine is designed. Usually, the serviceability criteria are defined in terms
of deflections and rotations (tilt) at the pile head and nacelle level, including both
the initial tilt and permanent rotation accumulated over the service life (Carswell
et al., 2016; Arany et al., 2015b).

Fatigue limit state (FLS): The fatigue damage accumulated in the support structure
over the service life cannot exceed its fatigue resistance capacity. Fatigue strength
analysis requires the simulation of thousands of load cases to capture the fatigue
contributions from the wide range of “normal” loading conditions encountered
over the service life. For circular foundations, such as monopiles, the computational effort may be reduced by exploiting the structure’s symmetry (Vorpahl
et al., 2013).
In general, the fatigue and serviceability requirements lead to excessive load carrying
capacities. Ultimate strength requirements are therefore usually not design-driving
with exception of the foundation embedment depth, grouted or flanged connections,
and possibly some segments near the tower top (Seidel et al., 2016). Still, since the
embedded length is a major cost-driver, ultimate strength considerations are important in reducing the cost of offshore wind energy. The remaining support structure dimensions are often governed by fatigue considerations (Seidel et al., 2016).
Whether wind- or wave-induced fatigue loads dominates the fatigue utilization depends on the turbine’s size, type of foundation, and water depth. Wind-induced
fatigue loads often dominate in the case of “hydrodynamically transparent” jacket
foundations, or smaller monopile supported turbines (. 5MW) in shallow to moderate water depths (. 20m) (Fischer, 2012). Correspondingly, first-order wave loads
are the primary source of fatigue damage for larger turbines (& 5MW) on monopile
foundations in moderate water depths (& 20m), such as the one considered in this
thesis (Smilden et al., 2017). Due to strict maximum tilt requirements, the diameter of
the foundation may sometimes be governed by serviceability considerations. These
requirements, set forth by the wind turbine manufacturer, tend to be less strict for
floating wind turbines. It could, therefore, be argued that higher tilt angles should
be permitted in order to reduce support structure costs (Arany et al., 2015b; Bhattacharya, 2014). Finally, an essential consideration in designing offshore wind turbines is the placement of the support structure’s fundamental resonance frequency.
This is discussed in further detail in Section 2.3.3.
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Structural design

The process of designing an offshore wind turbine involves interaction between several stakeholders, including the wind farm owner, wind turbine manufacturer, foundation designer, and third-party certification authority (Seidel, 2010). While most
aspects of this complicated process fall outside the scope of this thesis, it has some
important implications that need to be highlighted. Here, the focus is on structural
design and the interaction between the wind turbine manufacturer and the foundation designer.
The design process for an offshore wind turbine is outlined in Figure 2.3. In
the early stages of the conceptual design phase, the information needed for designing the wind turbines is collected and detailed in the so-called design basis (Seidel,
2010). Based on the information available at the time, a preliminary design is carried
out for the rotor-nacelle assemblies and support structures, which often also includes
selecting the type of foundation (Seidel et al., 2016). Current offshore wind projects
use standard off-the-shelf rotor-nacelle assemblies that offer limited possibilities for
project-specific adaptations. The turbines’ SCADA and control systems are usually
customised for the specific project, at least to some extent. Still, few modifications are
generally made to the rotor-nacelle assemblies throughout the wind farm development process (Fischer et al., 2012). The support structures’ dimensions are optimised
in an iterative process, involving both the wind turbine manufacturer and foundation designer (Seidel et al., 2016). Ideally, the support structures should be optimised
for their specific location in the wind farm. In practice, however, they are grouped
into clusters and designed for the turbine locations giving the highest load effects
(Ziegler et al., 2016). Consequently, the majority of the support structures have excessive margins of safety. Because of the interdependence of aerodynamic and hydrodynamic load effects, an integrated approach should be adopted for calculating
the structural loads. Numerical tools like those discussed in Section 2.2 provide the
most accurate alternative for fully integrated analysis. Alternatively, for confidentiality reasons, a partly integrated approach is sometimes adopted, whereby loads at
selected structural interfaces are exchanged between the parties involved (Vorpahl
et al., 2013). Detailed design is primarily a continuation of the basic design phase.
The design of secondary structures, such as boat landings, access platforms, and
J-tubes, are finalized in this stage. Some location-specific customizations to the support structures may also be made in the detailed design phase (Seidel, 2010; Seidel
et al., 2016).

2.3.3

Resonance considerations

Offshore wind turbines are subjected to dynamic loading from a number of sources.
In addition to time-varying environmental loads from the sea and air, unbalanced
rotating machinery produce significant cyclic loads at the rotor frequency (1P) and
blade passing frequency (2P or 3P). The structure’s natural frequencies should ideally fall well outside the range of excitation frequencies. However, for economic
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Figure 2.3: Outline of the design process for an offshore wind turbine (Adapted from IEC
61400-3 (2009); Seidel (2010); Seidel et al. (2016)).

reasons, the first bending mode of the support structure often occurs at a frequency
close to or within the range of rotor and wave excitation frequencies. The degree to
which this bending mode is excited is an important consideration in designing offshore wind turbines. Typically, one of three design philosophies is adopted for the
placement of the support structure’s fundamental resonance frequency. Nearly all
fixed support structures can be classified as “soft-stiff”, meaning that the resonance
frequency lies in between the 1P and 2P/3P frequency ranges. In general, more economical support structures could be achieved by placing the resonance frequency in
the “soft-soft” range below the rotor and wave excitation frequencies. While many
floating structures exhibit resonance frequencies in the “soft-soft” range, this is not
a feasible option for most fixed structures due to strength requirements. From the
point of view of structural safety, it is reasonable to place all resonance frequencies in
the “stiff-stiff” range above the rotor excitation frequencies (Arany et al., 2015a). The
benefits of safer structures rarely offset the additional material costs. Nonetheless,
there are examples of monopile foundations which can be described as “stiff-stiff”,
for instance at the Sheringham Shoal wind farm off the coast of Norfolk (Hamre
et al., 2011; Lombardi et al., 2013).
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Figure 2.4 shows the rotor excitation frequencies of four selected commercially
available wind turbines and the reference wind turbine used in the present thesis.
There are some apparent problems with the current “soft-stiff” design philosophy.
First of all, the target frequency range in between the rotor excitation frequencies is
relatively narrow. Design standards, such as DNV GL OS-J101 (2013), recommend
to apply a safety factor of at least ±10% to all resonance frequencies, thus narrowing the target frequency range even further. The support structure’s fundamental
bending mode is subject to considerable uncertainties (Damgaard et al., 2013, 2014).
In particular, there is uncertainty in the stiffness and damping of the soil-foundation
system. Depending on the specific turbine model, this makes it difficult, if not impossible, to completely avoid resonant response. Furthermore, the soil-foundation
properties may vary over the lifetime of the turbine due to cyclic strain hardening
or softening, and/or deterioration phenomena, such as scouring around the foundation (Arany et al., 2015a; Prendergast et al., 2018, 2015). Therefore, even if the resonance frequency initially falls within the target range, it may still end up coinciding
with the rotor excitation frequencies. Growth in the size of wind turbines presents
a further difficulty for the current design practice. Of course, larger turbines require
larger support structures. Furthermore, as a result of greater hub heights and increased weight of the rotor-nacelle assemblies, stiffer support structures are required
to achieve the target resonance frequency. It is also apparent that, since the turbines’
operating speed decreases with increasing rotor diameter, the “soft-stiff” frequency
range falls closer to the wave excitation frequencies. Consequently, the fatigue life of
support structures is becoming increasingly sensitive to variations in the properties
of the fundamental bending mode.
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Figure 2.4: Probability density (PDF) for the wave peak frequency and frequency ranges of
the rotor frequency (1P) and blade passing frequency (3P) of four selected commercial wind
turbines and the reference wind turbine of DTU wind energy (A similar figure is presented by
Arany et al. (2016)).
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Basic offshore wind turbine control

The basics of offshore wind turbine control are presented in the following section.
The material is largely based on the handbook of Burton et al. (2011) and the controllers developed by NREL and DTU Wind Energy for their reference wind turbines
(Bossanyi and Witcher, 2009; Jonkman et al., 2009; Hansen and Henriksen, 2013; Bak
et al., 2013). These turbines are operated in a conventional variable-speed, variablepitch configuration. As illustrated in Figure 2.5, the control system of such turbines
broadly operates in one of two modes depending on the wind speed. These operating modes differ fundamentally in both control objectives and means of actuation. In
below-rated wind conditions, the generator torque is varied to maximize power capture via rotor speed control. In above-rated wind conditions, rotor collective pitch
control is employed to maintain rated rotor speed, whilst the generator torque is
either kept constant or varied to maintain constant power output. The controllers
used in above- and below-rated operation are primarily designed to operate independently of each other. However, in near-rated wind conditions the control system is sometimes operated in a combination of the two modes. This is frequently
referred to as peak shaving, and the goal is to reduce the maximum aerodynamic
thrust which occurs in near-rated wind conditions (Perley et al., 2013).
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Figure 2.5: A standard wind turbine power curve

2.4.1

Below-rated operation

The majority of wind turbines today are equipped with a variable-speed generator,
meaning that the generator speed is decoupled from the grid frequency via a power
converter. This allows for the rotor speed to vary between certain limits. The main
advantage of variable-speed operation is the possibility to maximize power capture
by maintaining the optimal rotor speed (Burton et al., 2011). The most widely used
strategy for variable-speed operation is to adjust the generator torque as a function of
the rotor speed to balance the aerodynamic torque at its maximum value. However,
as illustrated in Figure 2.6, the optimal rotor speed—for a given rotor—is mainly a
function of the wind speed. Measuring the wind speed at a single point in space
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gives a highly variable and poor estimate of the rotor-wide effective wind speed.
Therefore, a more stable and well-behaved control loop is achieved by using measurements of the rotor speed instead of the wind speed. The main drawback is that
the large inertia of the rotor makes it insensitive to variations in the wind speed, thus
leading to poor reference-tracking performance. In designing wind turbine rotors, it
is therefore important to not only maximize the maximum aerodynamic efficiency,
but also the flatness of the aerodynamic efficiency peak (Burton et al., 2011). This is
particularly important for larger-sized machines with heavy rotors.
Power

Rotor speed

Power

Wind speed

Rotor
speed

Figure 2.6: Optimal rotor speed for maximum power capture.

In below-rated operation, the rotor collective pitch angle is usually kept constant
at 0◦ —frequently referred to as fine pitch. In order to prevent excitation of the support structure’s fundamental bending mode, it is sometimes necessary to restrict the
rotor from operating at certain speeds (Smilden and Sørensen, 2016; Licari et al.,
2013). Furthermore, it can be difficult to achieve the desired aerodynamic efficiency
across the whole range of speeds at which the rotor operates. It is often possible to
increase power capture by allowing some dynamic adjustment of the rotor collective
pitch angle also in below-rated operation. A straightforward strategy is to adjust the
fine pitch angle based on low-pass filtered wind speed measurements (Hansen and
Henriksen, 2013).
The basic control objectives in below-rated operation are presented in Table 2.1.
Table 2.1: Basic control objectives in below-rated operation (Burton et al., 2011; Bossanyi and
Witcher, 2009; Hansen and Henriksen, 2013).

Blade pitch controller
• Maintain fine pitch angle for maximum power capture
Generator torque controller
• Maintain the optimal rotor speed for maximum power capture
• Prevent excitation of the fundamental bending mode of the support structure
• Provide damping of the first drive-train mode
• Ensure that the power quality complies with the grid’s requirements
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Above-rated operation

Once the generator has reached its rated torque, a different means of actuation is required to control the rotor speed. The control system therefore switches to variablepitch mode in which the rotor speed is controlled by adjusting the rotor collective
pitch angle. The usual strategy is pitching the blades to feather to reduce the aerodynamic efficiency of the rotor. A conventional proportional-integral (PI) control law
is usually employed to compute the control actions. The controller gains are scheduled based on the rotor collective pitch angle to take into account the sensitivity of
the aerodynamic torque to variations in the operating conditions. Furthermore, the
rotor speed error signal is often low-pass or notch filtered to prevent excitation of
structural modes and excessive pitch activity at the rotor frequency and multiples of
the blade-passing frequency (Burton et al., 2011; Hansen and Henriksen, 2013).
In above-rated operation, the generator torque can either be kept constant or varied to maintain constant power output. Keeping the generator torque constant is
a straightforward strategy with few side-effects or complications. However, due to
power quality considerations, it is often desirable to keep the power output constant.
This is achieved by simply allowing the generator torque to vary inversely proportional to the rotor speed. A potential drawback of constant power operation is that
it induces rotor speed variations. Usually this does not pose a major problem, but it
will to some extent reduce the stability margins of the variable-pitch control loop.
The basic control objectives in above-rated operation are presented in Table 2.2.
Table 2.2: Basic control objectives in above-rated operation (Burton et al., 2011; Bossanyi and
Witcher, 2009; Hansen and Henriksen, 2013).

Blade pitch controller
• Maintain rated rotor speed
• Prevent excitation of the fundamental bending mode of the support structure
• Avoid excessive pitch activity
Generator torque controller
• Maintain constant power or constant generator torque
• Avoid excessive transient drive-train loads
• Provide damping of the first drive-train mode
• Ensure that the power quality complies with the grid’s requirements
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Chapter 3

Contributions
The main contributions of the thesis are discussed in this chapter. The general contributions introduced in Chapter 1 are broadly worded. Here, each of these contributions are divided into more specific sub-contributions. Furthermore, in an effort to
provide a better overview, a flowchart like the one in Figure 3.1 is presented for each
sub-contribution. The flowchart highlights what reasearch question(s) motivated the
contribution and in what publication(s) the contribution can be found. The example
flowchart is for a sub-contribution of C1 which was motivated by research question
Q2 and can be found in publication P2.

Research questions

Q1

Q2

Q3

P1

P2

P3

C2

C3

Publications

Contributions

C1

Figure 3.1: Contributions example flowchart.

3.1

Contribution 1

C1: Analysis and assessment of the effects of control strategies for reducing the cost of support structures.
23
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The first main contribution of this thesis is concerned with (Q1) how to utilize
the wind turbines’ control system to reduce the cost of their support structures, and
(Q2) how doing so affects other wind turbine components and subsystems. These
underlying questions are addressed in all three publications P1, P2, and P3.

3.1.1

Contribution 1.1

Analysis and assessment of the lifetime effects of control strategies capable of reducing the
cost of support structures.

Research questions

Q1

Q2

Q3

P1

P2

P3

C2

C3

Publications

Contributions

C1

Figure 3.2: Contribution 1.1

Publication P1 presents an overview of different control measures for increasing
the fatigue life of support structures, classified according to their operating regimes
and their applicability with respect to different sources of fatigue loads. A summary
is presented in Figure 3.3. Based on a literature review, the control strategies best
suited for reducing fatigue loads in the reference support structure are identified.
These are: (i) tower feedback control (TFC) for reducing fatigue loads in the foreaft direction during power production, (ii) active generator torque control (AGT) for
reducing fatigue loads in the side-side direction during power production, (iii) active idling (AIC) for reducing fatigue loads in the fore-aft direction during idling,
and (iv) soft cut-out (SCO) for reducing fatigue loads in the fore-aft direction during
operation in above-cut-out wind speeds. A simulation procedure and a set of controller performance comparison parameters is developed to assess the lifetime effects
of these control strategies on various wind turbine components and subsystems, including the support structure. The controller performance comparison parameters
are summarized in Table 3.1 and the lifetime effects of the various control strategies
are presented in Table 3.2. The fatigue life of the support structure is approximately
doubled when all four control strategies are employed. Tower feedback control and
active idling yield the largest increases in the support structure’s fatigue life with
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contributions of approximately 55% and 35%, respectively. Regardless of the control
strategy used, there are adverse side-effects, some of which are significant. Tower
feedback control has several adverse side-effects, including increased use of the pitch
actuators, increased fatigue loads in the pitch systems, and increased fatigue loads
in drive-train module including the gearbox assembly. Furthermore, active generator torque control causes increased fatigue loads in the drive-train module, and increased variability in the power output. Active idling and soft cut-out do not cause
any significant adverse side-effects. Notably, the power output is not significantly
affected by any of the control strategies. The lifetime effects of tower feedback control are also analysed in publications P2 and P3. The results are largely in line with
those of publication P1.
The lifetime effects of peak shaving to increase the support structures’ serviceability capacity are analysed in publication P3. As seen from Table 3.3, it is possible
to increase the serviceability capacity of support structures by approximately 40%
with peak shaving. Since peak shaving is achieved by reducing the rotor’s aerodynamic efficiency, its main adverse side-effect is reduced energy yield. Although
these power losses only occur for a relatively small range of wind speeds, they occur
in conditions that contribute significantly to the lifetime energy yield. Peak shaving
therefore has a considerable effect in terms of lost power production. Without further actions being taken, it is unlikely that the cost savings enabled by increasing the
serviceability capacity could offset the loss of power production revenue.

WTG available

WTG unavailable

Below-rated operation Above-rated operation
Soft cut-out (SCO)
Tower feedback control (TFC)
Fore-aft

Active idling (AIC)
Active Generator Torque (AGT)

Side-side

Individual pitch control
Semi-active structural damping device

Fore-aft/

Passive structural damping device

Side-side
Cut-in

Rated

Cut-out

Wind
speed

Figure 3.3: Control measures for increasing the fatigue life of support structures, classified
according to their operating regimes and primary direction of effectiveness. Black arrows
indicate control measures that require the wind turbine generator (WTG) to be available and
grey arrows indicate control measures that are effective independent of the operational state
of the turbine. The figure is reproduced from publication P1.
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Table 3.1: Controller performance comparison parameters and their desired trend, classified
according to system component. A downward pointing arrow indicates that it is desirable to
reduce the performance parameter, and vice versa. The table is reproduced from publication
P1.

Component

20
DMax
20
DFA
20
DSS
DEL20
Edge
DEL20
Flap
DEL20
β
ADC20
β

Drive-train

DEL20
Gear
DEL20
Shaft

Power output

20
POut
20
PStd

Support
structure
Blade root
Pitch actuators

Description

Desired trend

Maximum fatigue damage
Fore-aft fatigue damage
Side-side fatigue damage

↓
↓
↓

Edgewise fatigue loads
Flapwise fatigue loads

↓
↓

Actuator bearing fatigue loads
Actuator duty cycle

↓
↓

Gear tooth fatigue loads
Shaft fatigue loads

↓
↓

Power output
Standard deviation of power output

↑
↓

Performance parameter

Table 3.2: . The lifetime effects of various control strategies for increasing the fatigue life of
support structures. The controller performance comparison parameters are given in percentage [%] of operation with the basic wind turbine controller (BC) and desirable and undesirable
effects are indicated by blue and red cells, respectively. An explanation of the different performance parameters is given in Table 3.1. The table is reproduced from publication P1.

BC
TFC
AGT
SCO
AIC
All

3.1.2

Support structure
20
20
20
DMax
DFA
DSS

Blade root
Pitch actuators
20
20
DEL20
ADC20
β
Edge DELFlap DEL β

0.0
-27.8
-9.1
-2.9
-17.9
-52.4

0.0
-5.0
-22.1
0.0
+0.1
-21.4

0.0
-27.6
-0.4
-3.0
-23.5
-51.3

0.0
-8.9
-60.1
+0.1
+2.8
-60.7

0.0
-4.6
-1.2
-0.3
-1.4
-6.7

0.0
+30.8
-0.7
0.0
0.0
+30.8

0.0
+192.8
-2.8
+0.2
0.0
+194.0

Drive-train
Power output
20
20
20
DEL20
PStd
Gear DELShaft POut
0.0
+0.3
+0.1
0.0
0.0
+0.4

0.0
+9.2
+2.4
+0.8
+1.1
+12.4

0.0
0.0
0.0
+0.1
0.0
+0.1

0.0
+0.2
+4.0
0.0
0.0
+3.8

Contribution 1.2

Analysis and assessment of the interactions between basic operation and tower feedback control.
Controlling the support structure’s loads will, to some extent, interfere with the
basic operation of the wind turbine. In particular, interaction between control loops
with conflicting control objectives can degrade performance and cause stability issues. The interaction between tower feedback control and the wind turbine’s basic
control system is analysed in publication P2. Using a reduced-order offshore wind
turbine model, some fundamental closed loop properties are analysed. These are: (i)
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Table 3.3: The lifetime effect of peak shaving for increasing the serviceability capacity of
support structures. Normal operation without peak shaving is referred to as basic control
and desirable and undesirable effects are indicated by blue and red cells, respectively. The
1-year
change in maximum serviceability utilization and power production are denoted by ∆θMax
20-year

and ∆POut

, respectively. The table is reproduced from publication P3.

Serviceability utilization

Adverse side-effects

1-year

20-year

∆θMax [%]

Controller adaptation

∆POut

0.0
-37.4

Basic control
Peak shaving

[%]

0.0
-2.1

Research questions

Q1
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Q3

P1

P2

P3

C2

C3

Publications

Contributions

C1

Figure 3.4: Contribution 1.2

robustness of the rotor speed control loop, (ii) sensitivity and control sensitivity of
the rotor speed control loop, (iii) sensitivity and control sensitivity of the tower feedback loop, and (iv) the support structure’s closed loop modal properties. The results
are presented in Figures 3.5 to 3.8.1 Active tower damping consistently reduces the
robustness of the rotor speed control loop. This issue is partly mitigated by incorporating active tower stiffness into the tower feedback loop. Thus, the previous need
to reduce the bandwidth of the rotor speed control loop to mitigate stability issues
is relaxed. Tower feedback control increases the sensitivity of the rotor speed in a
frequency range around the natural frequency of the rotor speed control mode. This
performance degradation is not of major importance since it occurs in a frequency
1 “The

sensitivity function describes the frequency response of the closed loop system to external disturbances. Efficient disturbance rejection is expected at frequencies with magnitudes sufficiently below 0
[dB]. Correspondingly, amplification of external disturbances is expected at frequencies with magnitudes
above 0 [dB]. In a similar manner, the magnitude of the control sensitivity function can be used to analyse
the control effort for the closed loop system. Large magnitudes indicate that large amounts of control
effort are required, and vice versa. Thus, when analysed together, the sensitivity and control sensitivity
functions can be used to assess the trade-off between disturbance rejection and control effort.”–Excerpt
from publication P2.
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range above the frequencies of significant turbulent wind variations. A more significant issue—also occurring in a frequency range around the natural frequency of the
rotor speed control mode—is control-induced amplification of tower motions. This
issue is also mitigated by incorporating active tower stiffness into the tower feedback
loop. Thus, it is no longer necessary to constrain the bandwidth of the rotor speed
control loop to prevent amplification of wave-induced tower motions. Furthermore,
tower feedback control changes the modal properties of the support structure. The
closed loop modal modal properties are not significantly affected by the rotor speed
control loop.
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(a) Sensitivity MS for wind speed V = 20 (b) Complementary sensitivity MT for wind
[m/s].
speed V = 20 [m/s].
Figure 3.5: The controller robustness parameters MS and MT as a function of tower feedback
x . Low values imply high robustness, and vice
proportional gain K Px and damping gain K D
versa. The red stars indicate the controller gains that are used in the simulations. TFC 1 is
conventional tower feedback control with damping only and TFC 2 is tower feedback control
with damping and stiffness. The figure is reproduced from publication P2.

f1

f1

(a) Sensitivity S(s) for wind speed V = 20 (b) Control sensitivity U (s) for wind speed
[m/s].
V = 20 [m/s].
Figure 3.6: The magnitude of the tower displacement sensitivity- and control sensitivity function for the controller gains indicated in Figure 3.5. The bars represent the lifetime probability
distibution of wave peak frequency and the dashed lines indicate the first fore-aft modal frequency f 1 . The figure is reproduced from publication P2.
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Figure 3.7: The magnitude of the rotor speed sensitivity- and control sensitivity function for
the controller gains indicated in Figure 3.5. The dashed lines indicate the first fore-aft modal
frequency f 1 . The figure is reproduced from publication P2.
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x . The red stars indicate
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the controller gains that are used in the simulations. The figure is reproduced from publication
P2.

3.2

Contribution 2

C2: Methods for increasing the efficiency of load-reducing controls at the wind turbine level.
The second main contribution of this thesis is concerned with (Q2) how control strategies for reducing the cost of support structures affects other wind turbine
components and subsystems, and (Q3) how to minimize adverse side-effects at the
turbine level. These underlying questions are addressed in publications P1, P2, and
P3.

3.2.1

Contribution 2.1

Event-triggered use of load-reducing controls to increase their turbine-level efficiency.
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Figure 3.9: Contribution 2.1

The potential benefits of event-triggered deployment of control strategies capable of increasing the support structure’s fatigue life are analysed in publication P1.
Using the mean wind speed as the triggering parameter, tradespace exploration is
employed to establish trigger criteria for near-optimal deployment of control strategies. The analysis considers the lifetime effect of (i) tower feedback control on the
pitch bearings’ fatigue loads, (ii) tower feedback control on the main shaft’s fatigue
loads, (iii) active generator torque control on the power output variability, and (iv)
active generator torque control on the main shaft’s fatigue loads. As illustrated in
Figure 3.10, the best choice of trigger criteria depends on the control strategy being
used and how the adversely affected components are prioritized. A near-optimal
trade-off between the support structure’s fatigue life and the pitch bearings’ fatigue
loads is achieved when tower feedback control is used only in wind speeds above a
threshold value. The fatigue loads in the main shaft are—opposite to the pitch bearings’ fatigue loads—minimized when the use of tower feedback control is restricted
to wind speeds below a threshold value. A similar divergent trend is observed for
active generator torque control. Restricting the use of active generator torque control to wind speeds below a threshold value is near-optimal with regard to the power
output variability. With regard to the main shaft’s fatigue loads, a single trigger criterion does not yield a near-optimal strategy for deploying active generator torque
control. Fortunately, the effect on the main shaft’s fatigue loads is small compared
with that of tower feedback control. Overall, the turbine-level efficiency of control
strategies can be increased by adopting an event-triggered approach. This result
does, however, depend on the control strategy being used and the side-effect under
consideration. Nevertheless, event-triggered deployment of load-reducing controls
provides a practical means of achieving a specific level of load-reduction at minimum complexity.
The effect of variations in the site-specific soil conditions on the tradespaces for
event-triggered tower feedback control are analysed in publication P2. The magnitude of the support structure’s responses depends on the global stiffness and the
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degree to which the fundamental bending mode is excited. The effects of tower
feedback control, both desirable and undesirable, are therefore sensitive to the soil
conditions. The tradespaces do, however, reveal general patterns. Hence, it is reasonable to define a single set of trigger criteria independent of the site-specific soil
conditions.
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Figure 3.10: Tradespaces for event-triggered tower feedback control with mean wind speed as
20-year
the triggering parameter. ∆DMax denotes the change in fatigue utilization for the support
Lim . Red stars
structure. The stars highlight the scenarios with a single trigger criterion VTFC
Lim
represent trigger criteria of the type VTFC ≥ VTFC —meaning that tower feedback control is
Lim —and blue stars represent trigger criteria of the type
used for wind speeds greater than VTFC
Lim . The figure is reproduced from publication P3.
VTFC ≤ VTFC

3.2.2

Contribution 2.2

Proposal and analysis of a control strategy capable of increasing the efficiency of tower feedback control.
A tower feedback control scheme for reducing the fatigue loads in offshore wind
turbine support structures is proposed in publication P2. The proposed control
scheme employs collective pitch control to increase the support structure’s fore-aft
damping and stiffness. Like conventional active aerodynamic damping, tower feedback control is implemented via an auxiliary control loop. Desirable attributes, such
as safeguarding the basic operation of the wind turbine, and straightforward integration with the wind turbine’s SCADA system, are thereby maintained. The proposed
control scheme improves the overall efficiency of tower feedback control by (i) mitigating undesirable interaction with the wind turbine’s basic control system, and (ii)
improving the effectiveness of tower feedback control in the frequency range of the
first-order wave loads. As explained in Section 3.1.2, the robustness and sensitivity issues emerging from interaction with the rotor speed control loop are mitigated
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Figure 3.11: Contribution 2.2

by incorporating active tower stiffness into the tower feedback loop. This provides
leeway to improve the overall performance of the two control loops. In particular, it makes it possible to increase the bandwidth of the rotor speed control loop
and thereby improve disturbance rejection and reduce the risk of overspeed-induced
shutdowns. With conventional active aerodynamic damping, effective tower feedback control is restricted to a frequency range around the support structure’s first
fore-aft modal frequency. By incorporating active tower stiffness into the tower feedback loop, effective disturbance rejection is achieved in a broader frequency range
without increasing the required control effort. Consequently, the trade-offs between
the support structure’s fatigue life and the various adverse side-effects are improved.
The lifetime effects of tower feedback control with damping only (TFC 1) and damping and stiffness (TFC 1+2) are presented in Table 3.4.

Table 3.4: . Lifetime effects of tower feedback control with damping only (TFC 1) and damping and stiffness (TFC 1+2). In TFC 1+2, damping only is employed in below-rated operation,
and damping and stiffness is employed in above-rated operation. The controller performance
comparison parameters are given in percentage [%] of operation with the basic wind turbine
controller and desirable and undesirable effects are indicated by blue and red cells, respectively. The table is reproduced from publication P2.
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Contribution 3

Methods for increasing the efficiency of load-reducing controls at the wind farm level.
The third main contribution of this thesis is concerned with (Q2) how control
strategies for reducing the cost of support structures affects other wind turbine components and subsystems, and (Q3) how to minimize adverse side-effects at the wind
farm level. These underlying questions are addressed in publications P1 and P3.

3.3.1

Contribution 3.1

Methodology for turbine-specific customization of load-reducing controls to increase their
farm-level efficiency.
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Figure 3.12: Contribution 3.1

The fatigue life of individual offshore wind turbine support structures within a
farm differ due to varying site conditions such as the soil conditions and the water
depth. Since structural design of the support structures is carried out in clusters,
most of them will have unused fatigue capacity at the end of their service life. For
most turbines, it is therefore unnecessary to employ control strategies for reducing
the support structure’s fatigue loads to the fullest extent possible. The applicability of turbine-specific deployment of control strategies to compensate for differing
fatigue life due to varying site conditions is analysed in publication P1. By adopting such an approach, it is possible to mitigate adverse side-effects at the wind farm
level. Moreover, this approach admits the possibility of reducing the number of
clusters and thereby the number of customized support structure designs. The considered sources of site variability are (i) soil conditions affecting the global stiffness,
and (ii) water depth affecting the hydrodynamic loading and the global stiffness.
Figure 3.13 presents the circumferential distribution of the support structure’s maximum fatigue utilization for two cases of varying site conditions. Tower feedback
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control and active generator torque control are employed to increase the fatigue life
of the support structure. With moderate side-effects, these control strategies are capable of compensating for a 20% variation in the soil stiffness. The fatigue capacity
of the support structure is more sensitive to variations in the water depth than the
soil conditions. Still, the applied control strategies are capable of compensating for a
5% variation in water depth with only moderate side-effects.
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(a) Varying soil conditions.
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Figure 3.13: Circumferential distribution of the support structure’s maximum fatigue utilization for varying site conditions. The soil stiffness and water depth are varied with the factors
ηSoil and ηDepth , respectively. The controlled case is with load-reducing controls, while the
reference and baseline control cases are without. The figure is reproduced from publication
P1.

3.3.2

Contribution 3.2

Methodology for post-installation customization of load-reducing controls to increase their
farm-level efficiency.
The safety margins of support structures are subject to considerable uncertainty.
This uncertainty can be reduced by collecting information about the support structure’s modal properties (natural frequencies, mode shapes, damping ratios) once the
turbine is installed. A post-installation structural safety assessment is likely to reveal better than expected safety performance. Thus, if load-reducing controls have
been adopted in the structural design process, it is unnecessary to use these to their
fullest potential during actual operation. The effects of a post-installation adaptation of load-reducing controls are analysed in publication P3. Two control strategies
are considered in the analysis: (i) tower feedback control to increase the support
structure’s fatigue life, and (ii) peak shaving to increase the support structure’s serviceability capacity. These control strategies are adapted in two stages. The first
stage adaptation is carried out during the structural design process when the modal
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properties are uncertain. In this stage, the adopted control strategies are used to
their fullest potential. Once the turbine is installed, the second stage controls adaptation is carried out under the assumption that the true modal properties are known
with some degree of certainty. In this stage, the use of load-reducing controls are
minimized as much as possible without volating structural safety requirements. The
probabilistic outcome of a two-stage adaptation of tower feedback control and peak
shaving are given in Tables 3.5 and 3.6, respectively. On average, the two-stage controls adaptation reduces the adverse side-effects of the adopted control strategies by
up to an order of magnitude.

Table 3.5: The probabilistic outcome of a two-stage adaptation of tower feedback control to increase the support structure’s fatigue life. The average change in damage equiv20-year

alent loads for the pitch actuator bearings and main shaft are denoted as ∆DELβ

and

20-year
∆DELShaft , respectively. The probability of the maximum fatigue utilization being exceeded
 20-year

P DMax > 1.0 is the probability of failure. The results are generated from 10000 random

field (soil profile) realizations. The table is reproduced from publication P3.

Case description
Basic control
Conventional one-stage adaptation
Two-stage adaptation η̂ = 0.0
Two-stage adaptation η̂ = 0.5
Two-stage adaptation η̂ = 1.0

20-year

∆DELβ

0.0
22.1
3.0
8.8
15.1

[%]

20-year

∆DELShaft
0.0
6.2
2.3
4.4
5.4

[%]

 20-year

P DMax > 1.0 [%]
5.0
5.0
5.0
6.2
6.2
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Table 3.6: The probabilistic outcome of a two-stage adaptation of peak shaving to increase the
support structure’s serviceability capacity. The average change in the lifetime energy yield
20-year
is denoted as ∆POut
and the probability of the maximum serviceability utilization being
 1-year

exceeded P θRated > 1.0 is the probability of failure. The results are generated from 10000
random field (soil profile) realizations. The table is reproduced from publication P3.

Case description
Basic control
Conventional one-stage adaptation
Two-stage adaptation η̂ = 0.0
Two-stage adaptation η̂ = 0.5
Two-stage adaptation η̂ = 1.0

20-year

∆POut

0.0
-2.1
-0.2
-0.8
-1.4

[%]

 1-year

P θRated > 1.0 [%]
5.0
5.0
5.0
5.5
5.5

Chapter 4

Conclusions and Suggestions
for Future Work
In the following chapter, the thesis is concluded and some suggestions for future
work are given.

4.1

Conclusions

The overall objective of this thesis was to develop methods for using the wind turbines’ control system to make their support structures more economical. The focus was on the current and coming generation of wind turbines in the double-digit
megawatt range supported by large-diameter monopile foundations. The methods
developed in this thesis were all based on the use of control strategies aimed at reducing the load effects in support structures. While such control strategies are useful
for reducing the cost of support structures, they unavoidably produce side-effects
which may reduce or offset potential cost savings. Hence, a major focus of this thesis
was to increase the efficiency of load-reducing controls in terms of the amount of
side-effects they produced. Two general approaches were adopted to increase the
efficiency of the control strategies. The first approach was to optimize the tradeoff between load reduction and adverse side-effects at the turbine level. This was
achieved by either improving the effectiveness of control strategies or through the
adoption of event-triggered deployment of load-reducing controls. The second approach was to reduce adverse side-effects at the wind farm level by turbine-specific
adaptation of control strategies. All of the work presented in this thesis was carried
out in the context of a 10MW monopile-supported reference wind turbine located at
the Dogger Bank in the North Sea. The majority of the results were obtained from
aero-hydro-servo-elastic simulations. Some control theoretic results were obtained
from a reduced-order offshore wind turbine model.
An analysis of the lifetime effects of control strategies capable of increasing the
support structure’s fatigue life gave results that were largely in line with those of
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previous studies. It was possible to significantly increase the fatigue life of support structures, but at the expense of a number of adverse side-effects. Significant
side-effects included power fluctuations and increased wear of the pitch system and
drive-train module. Having identified the primary side-effects, the trade-offs associated with the different control strategies were examined in the context of eventtriggered deployment of load-reducing controls. It was found that the turbine-level
efficiency of control strategies could be increased by adopting such an approach.
However, this result depended on the control strategy being used and the side-effect
under consideration.
Reducing structural responses by means of collective pitch control—frequently
referred to as tower feedback control—was by a wide margin the most effective strategy for increasing the fatigue life of support structures. It did, however, have several
shortcomings, including undesirable coupling with the wind turbine’s basic control
system and a limited frequency range of effectiveness. It was found that these shortcomings could be mitigated by incorporating a proportional term (stiffness) into the
tower feedback loop. This result had two main implications. First, by increasing
its frequency range of effectiveness, it was possible to significantly increase the efficiency of tower feedback control. Second, by reducing undesirable coupling effects,
tower feedback control could be used while still maintaining the bandwidth of the
rotor speed control loop. This was a particularly important finding as it suggests
that tighter control of the rotor speed can be achieved without reducing the fatigue
life of the support structure.
Support structures should ideally be optimised for their specific location in the
wind farm. In practice, however, they are grouped into clusters and designed for
the turbine locations giving the highest load effects. Consequently, the majority of
support structures are expected to have unused fatigue capacity at the end of their
service life. It was found that turbine-specific adaptation of load-reducing controls
can be effective in equalizing the fatigue life of support structures across a wind
farm. This result had three main implications. First, by reducing structural safety
margins at the wind farm level, the cost of support structures is reduced. Second,
since the use load-reducing controls are isolated to design-driving turbine locations,
their associated side-effects are reduced at the wind farm level. Third, the proposed
methodology could be used to increase the size of design clusters and thereby reduce
the number of customized support structure designs.
There is considerable uncertainty regarding the true safety margins of support
structures. The emergence of reliable monitoring systems has enabled the collection
of post-installation structural health data. Since design standards require conservative design margins, structural health monitoring is likely to reveal better than
expected structural safety performance. Thus, if load-reducing controls have been
adopted in the structural design process, it will be concluded that it is unnecessary
to use these to their fullest potential during actual operation. Monte Carlo analysis showed that, for the majority of turbines, a post-installation structural safety
assessment would reveal a significant reduction in the need for load-reducing con-
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trols. This result had three main implications. First and foremost, by reducing the
farm-level incidence of load-reducing controls, side-effects are reduced by up to an
order of magnitude. Second, since the post-installation controls adaptation serves as
a buffer against uncertainties in the structural design process, desing conservatism
is reduced at the wind farm level. Third, the significant reduction in side-effects
could enable the use of control strategies that were previously not economically viable. It would at least enable using load-reducing controls to a fuller extent of their
capabilities.

4.2

Suggestions for future work

While load-reducing controls have been a topic of research for many years, there is
still a general potential for developing control strategies that are capable of targeting a wider range of load effects. Furthermore, up until now, the incorporation of
load-reducing controls into the wind farm development process has been largely unaddressed. A few suggestions for possible extensions of the present work are given
below.
• Control strategies for reducing ultimate load effects
Ultimate strength requirements are design-driving with respect to the foundation embedment depth, grouted or flanged connections, and possibly some
segments near the tower top (Seidel et al., 2016). Moreover, ultimate strength
requirements might become more important as larger-sized turbines are introduced. The ultimate requirements are generally stricter than requirements regarding serviceability and fatigue life. Using control strategies for reducing ultimate load effects therefore requires more careful consideration of the support
structure’s safety. In addition to developing control strategies that are capable
of targeting ultimate load effects, it is necessary to develop structural reliability
methods that are capable of handling the use of these control strategies. One
possibility would be to use the extended contour-line method of Winterstein
(2017) for taking into account multiple sub-populations of dynamic response
characteristics.
• Control strategies for reducing serviceability load effects
The present work explored the possibility of using peak shaving to increase
the support structure’s serviceability capacity by reducing the maximum peak
pile rotation. Evaluating the maximum pile rotation under peak loading conditions is a common and conservative approach. In reality, however, the design
standards require the determination of the maximum permanent accumulated
pile rotation which typically occurs under storm loading conditions. Although
there are currently no guidelines available on how to determine the permanent accumulated pile rotation, research is underway to develop a consensus
on how to perform such analyses (Carswell et al., 2016). These advances call
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for the development of new control strategies that are capable of targeting permanent accumulated pile rotation.
• High-fidelity assessment of the side-effects of load-reducing controls
In order to reduce the computational effort, a reduced set of environmental
load cases was considered in the present work. While these environmental load
cases give a reasonable estimate of the support structure’s fatigue life, they do
not necessarily yield accurate results for other wind turbine components. Extensive simulations have provided some confidence in the results. Still, there is
a need for a systematic study into the effect of reducing the number of environmental load cases. One possibility would be to perform a probabilistic analysis
using a joint distribution model such as the one proposed by Horn et al. (2018).
• Support structure optimization
No effort has been made in the present work to translate the reduction in load
effects into savings in terms of support structure weight. Such an optimization study would require repetitive simulation of design-driving loading conditions, and might therefore be computationally expensive. Fischer et al. (2012)
proposed an optimization framework for determining the wall thickness of the
support structure. More recently, Arany et al. (2017) have proposed a procedure for determining all of the support structure’s main dimensions (embedment length, diameter, wall thickness). Support structure optimization does
not necessarily require the use of such an extensive procedure, but the most
critical loading conditions should be considered.
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The fatigue life of oﬀshore wind turbine (OWT) support structures is sensitive to variations in
site-speciﬁc conditions such as the water depth and soil properties. Site condtions may vary
signiﬁcantly within a wind farm, and they may change throughout the lifetime of the OWT. This
paper analyses how control strategies for fatigue life extension can compensate for diﬀering
fatigue loads due to varying site conditions. Control strategies applicable for both power production and idling situations are analysed, and methodology to reduce undesirable side-eﬀects is
proposed. The design case is a 10 MW monopile OWT located in 30 m water depth at the Dogger
Bank in the North Sea, and results are based on time-domain simulations performed using an
aero-hydro-servo-elastic simulation tool. The results show that, when all the investigated control
strategies are utilized, a fatigue damage reduction over the 20-year lifetime of approximately 50%
is possible. Furthermore, it is shown that adverse side-eﬀects such as wear of pitch actuators and
ﬂuctuations in the power output can be signiﬁcantly reduced by limiting the use of control
strategies to some predeﬁned situations. With only moderate cost to other system components,
the control system is able to compensate for 20% variation in soil stiﬀness, and 5% (1.5 m) variation in water depth.

1. Introduction
The oﬀshore wind industry is continuously progressing towards larger wind turbines, with the ﬁrst 8 MW wind turbines gridconnected in 2016 [1]. Larger wind turbines require larger support structures, which without considering the cost of installation, is a
component that represents close to 20% of the total cost of oﬀshore wind farms [2,3]. Monopiles remain the favoured choice of
foundation with a market share of 88% in Europe [1], and this trend is expected to persist for wind turbines installed in shallow and
intermediate water depths (<40 meters) [4]. Monopile dimensions are mainly driven by fatigue considerations, and the increase in
fatigue loads resuting from the upscaling of turbines in combination with deeper water, is a challenge for the economical feasibility of
monopile foundations [5]. In particular, large monopiles are more susceptible to fatigue damage from ﬁrst order wave loads. The
magnitude of the hydrodynamic loads increases due to the larger diameter of the monopile. Furthermore, the increased mass of the
rotor-nacelle assembly (RNA) and height of the wind turbine, together with a reduction of the rotor speed and the corresponding
frequency constraint imposed by the blade passing frequency (3P), pushes the ﬁrst modal frequencies of the support structure closer
to typical wave frequencies [6,7].
The wind turbine's blade pitch and generator torque control system inﬂuences the dynamic response of the structure. The design

Abbreviations: AAD, Active aerodynamic damping; AGT, Active generator torque control; AIC, Active idling control; DEL, Damage equivalent load; DLC, Design load
case; ELC, Environmental load case; FLS, Fatigue limit state; OWT, Oﬀshore wind turbine; RNA, Rotor-nacelle assembly; SCO, Soft cut-out; TMD, Tuned mass damper;
ULS, Ultimate limit state
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process for oﬀshore wind turbines (OWTs) should therefore be carried out in an integrated manner, including the design of control
strategies that aim to reduce fatigue loads in the support structure [5]. Monopile OWTs are lightly damped, with typical damping
ratios in the range 1% - 2.5% of critical for the ﬁrst fore-aft and side-side vibration modes [8–10]. Aerodynamic damping from the
rotor is an important contribution to the overall damping of the fore-aft vibration modes, and several control strategies that are based
on enhancing the aerodynamic damping to reduce fatigue loads have been studied [7,11–15]. Because the rotor mainly contributes
with damping in the fore-aft direction, the support structure is particularly prone to excitation by waves coming from a diﬀerent
direction than the wind. The incidence of environmental conditions with wind/wave misalignment is site-speciﬁc, but it can be
signiﬁcant for exposed wind farm locations [16,17]. Several control strategies that aim to increase the damping of the side-side
vibration modes of the support structure have been proposed [7,11,13,14,18,19]. The various control strategies for fatigue load
reduction are presented in more detail in Section 2.
As demonstrated in Refs. [5,7], control strategies for fatigue load reduction can be integrated in the design process for the support
structure, leading to a 9.2% reduction in the weight. A control system that can extend the fatigue life of the OWT can also be used to
compensate for uncertainties or simpliﬁcations in the design process. The fatigue loading of monopile OWTs is sensitive to variations
in site speciﬁc conditions such as the water depth and soil properties [20–22]. Because the water depth and soil properties may vary
signiﬁcantly within a wind farm, it is common industry practice to group the OWTs into clusters, and design the support structures
according to the most loaded location in the cluster [23]. The conservatism of this approach may be reduced by introducing control
strategies that can compensate for diﬀering fatigue loads due to varying site conditions. Moreover, such control strategies may be
applied to increase the size of the design clusters, thereby reducing the number of customized foundation designs. Because the soil
properties are associated with large uncertainties [24,25], the true modal properties of the support structure, particularly the natural
frequencies and damping ratios, are often not known before the wind turbine is installed [9]. Furthermore, long-term cyclic loading
may cause accumulated pile displacements and changes in the soil properties, thereby changing the modal properties over the
lifetime of the OWT [22]. Control strategies that extend the fatigue life of the OWT, may reduce the design conservatism resulting
from uncertainty in the modal parameters. Moreover, one could equalize the fatigue utilization for the foundations across the wind
farm such that the turbines can be decommissioned at the same time without wasting structural reserves.
Control strategies which mitigate fatigue loads in the support structure, can lead to undesirable side-eﬀects in other wind turbine
components. The reliability of the pitch system is a concern with control strategies that require additional pitch activity. A survey
consisting of 1400 turbine years of operational data for onshore variable speed turbines found the pitch system to be the sub-assembly
with the highest failure rate [26,27]. Moreover, because the pitch system reliability is diﬃcult to predict, it is desirable to limit the
use of pitch actuators. Other critical components that may be negatively aﬀected by the control system are the blades, main shaft,
gearbox, and generator. These components have lower failure rates, but they cause higher downtimes when they fail [26]. Furthermore, it is essential to maintain power production, with power quality that complies with grid requirements [28]. A compromise
between fatigue load reduction and collateral eﬀects can be achieved by limiting the use of control strategies to certain predeﬁned
situations. Enabling control strategies in situations where the tower-top vibration frequency is within a frequency band containing
the ﬁrst modal frequency of the support structure was proposed by Refs. [29,30]. Further [3,31], proposed enabling control strategies
based on information about environmental conditions, and a multi-objective optimization method was developed to establish the
trigger criteria.
The main contribution of the present work is the analysis of the applicability of control strategies for fatigue load reduction to
compensate for diﬀering fatigue loads due to varying site conditions. As such, only the fatigue limit state (FLS) is considered, not the
ultimate limit state (ULS) and serviceability limit state (SLS). This paper also demonstrates the long-term eﬀects of control strategies
for fatigue load reduction. A similar study was performed by Ref. [7] for a 5 MW OWT. In this paper, a 10 MW OWT is considered, and
by comparing the results, the present work serves as a veriﬁcation and extension of previous research. Furthermore, this paper
analyses the trade-oﬀs between fatigue load reduction and undesirable side-eﬀects, and proposes a methodology to improve the
overall trade-oﬀs associated with the control strategies. The simulation model is based on the 10 MW reference wind turbine of DTU
Wind Energy [32], and long-term variations in environmental conditions are based on 60 years of hindcast data for a wind farm site
at the Dogger Bank in the North Sea [33]. Simulations are performed using the software tool SIMA by SINTEF Ocean with postprocessing in MATLAB by aid of the WAFO toolbox [34].
The paper is organized as follows: In Sec. 2, an overview of control strategies for fatigue load reduction is given, and the studied
control strategies are presented in detail. In Sec. 3, the simulation setup is described, and controller performance parameters are
established. In Sec. 4, the simulation results are presented and discussed. First, the baseline design case is evaluated, and the longterm eﬀects of control strategies are assessed. Next, the trade-oﬀs between fatigue load reduction and undesirable side-eﬀects are
investigated, and methodology to improve the overall performance is developed. Finally, applicability of control system design to
compensate for diﬀering fatigue loads due to varying site condtions, is assessed. The paper is concluded in Sec. 5.
2. Control concepts for fatigue load reduction
2.1. Overview of control strategies
Wind turbines harvest energy between a cut-in wind speed (typical VIn = 4 [m/s]) and a cut-out wind speed (VOut = 25 [m/s])
[35]. Depending on the wind speed, the wind turbine control system operates in one of two modes. For wind speeds below the rated
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Fig. 1. Operational ranges of control concepts for load mitigation [7]. Black arrows indicate control concepts that require the OWT to be operational, and light grey arrows indicate control concepts that are eﬀective also when the OWT is in idling state.

wind speed VRated , the wind turbine is operated with variable rotational speed aiming to track the optimal tip-speed ratio for maximum power output. For wind speeds above the rated wind speed, variable blade pitch angle is applied to control the aerodynamic
torque and limit the power output to the power rating of the generator [28].
Various control concepts for reduction of fatigue loads in the support structure were investigated and compared in Ref. [7].
Furthermore, a survey was performed by Ref. [14] to map existing control methods for mitigation of support structure loads. An
overview of some of the control concepts, classiﬁed according to operational range and primary direction of the load mitigation
action, is given in Fig. 1.
Control strategies for reduction of fatigue loads in the fore-aft direction are all based on enhancement of the aerodynamic
damping. For a wind turbine in normal operation, the prevailing strategy is collective pitch control based on tower velocity feedback,
referred to here as active aerodynamic damping (AAD) [7,11–15]. AAD is eﬀective for reducing fatigue loads in the support structure,
but it is associated with some undesirable side-eﬀects, particularly for the pitch actuators. Less prominent side-eﬀects include increased fatigue loads in the hub, blades and drive-train, increased power ﬂuctuations, and a small reduction in energy yield [7]. A
control strategy applicable for wind speeds above VOut is soft cut-out (SCO) [7,35]. In SCO the wind turbine operates at reduced speed
in wind speeds above the nominal cut-out wind speed. A positive secondary eﬀect of SCO is increased energy yield. However, the
extended operational range also increase the fatigue loads in the hub, blades and drive-train. SCO may also be combined with control
strategies such as AAD to achieve additional reduction of fatigue loads [7,35].
To reduce fatigue loads in the side-side direction, additional damping in the sideways direction is needed. The two prevailing
control strategies are individual pitch control (IPC) [7,14,18], and active generator torque control (AGT) [7,11,13,14,18,19]. With
IPC, the damping is increased by aid of the rotor, and with AGT the damping is increased by a roll moment from the generator
counteracting the sideways vibrations. Both IPC and AGT perform well with respect to fatigue load reduction, but IPC has more
severe side-eﬀects than AGT. IPC cause increased wear of pitch actuators, some reduction in energy yield, and increased fatigue loads
in the fore-aft direction [18]. Moreover, an additional extreme load check for transient situations such as shut-downs is necessary due
to the asymmetric operation of the rotor [7]. Collateral eﬀects of AGT are increased fatigue loads in the drive-train components such
as the main shaft and gearbox, and increased power ﬂuctuations [18].
When the wind turbine is parked, either due to a fault, or when the wind speed is outside the operational range, control concepts
that require active use of control system actuators can normally not be used. Load mitigation concepts available for wind turbines in
idling state (parked) are active idling control (AIC), passive structural dampers, and semi-active structural dampers [7,14]. When the
wind turbine is idling, the rotor is approximately at stand-still with the blades pitched to feather (90∘). With AIC, the aerodynamic
damping contribution from the rotor is increased by maintaining a pitch angle < 90∘ and allowing the rotor to rotate at low speed
[7,14]. Important side-eﬀects of AIC are increased fatigue loads in the blades [7]. Passive and semi-active structural dampers such as
mass dampers, oil dampers, or magnetorheological dampers, have the advantage that they do not signiﬁcantly aﬀect other wind
turbine components. They do, however, introduce additional investment costs due to additional structural design requirements,
installation, maintenance, and the cost of the damper itself [7].
The control strategies investigated further are AAD for reduction of fatigue loads in the fore-aft direction, AGT for reduction of
fatigue loads in the side-side direction, SCO for reduction of fatigue damage in environmental conditions above the nominal cut-out
wind speed, and AIC to reduce the impact of idling situations on the fatigue life of the OWT. The baseline OWT is also assumed to be
equipped with a tuned mass damper (TMD) that provides the support structure with addtional structural damping. The baseline wind
turbine controller is based on the DTU Wind Energy controller presented in Ref. [36].
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Fig. 2. Deﬁnition of wind turbine coordinates and excitation forces.

2.2. Active aerodynamic damping control (ADD)
The OWT coordinates and the external loads acting on the support structure are presented in Fig. 2. The hydrodynamic excitation
forces are gathered in FH (z ) , and decomposed according to the wind/wave misalignment angle ψ. The hydrodynamic loads act on the
foundation from the seabed (z = −d ) to the instantaneous free surface (z = ζ ). The aerodynamic thrust FA (v͠ , β , ωR) is applied at the
tower top z = h , and is a function of the relative wind speed v͠ , blade pitch angle β, and rotor speed ωR .
Pitch control action modiﬁes the eﬀective damping of the fore-aft vibration modes of the support structure through the aerodynamic thrust. If information about the tower top velocity is available it is possible to design a pitch controller that enhances the
aerodynamic damping by increasing the thrust force when the tower top has an upwind velocity, and vice versa. If only acceleration
measurements are available, an estimate of the velocity needs to be obtained by integration of the acceleration signal [12]. The AAD
controller and the nominal controller are treated as two independent controllers, and their demanded pitch actions are superimposed.
To deal with possible coupling between the two controllers, the nominal controller needs to be returned with the AAD controller
activated [13]. Following the approach of [11,12], the control law for the AAD pitch actions is derived based on the second order
diﬀerential equation describing the response of the support structure in its ﬁrst fore-aft vibration mode. The resulting control law is
given by

βAAD = −

1
FAβ (ωR , β )

η (ωR , β ) KAAD
x˙
q (h)

(1)

where KAAD ≥ 0 is the controller gain, ẋ is the measured tower top fore-aft velocity, and qx (h) > 0 is the ﬁrst fore-aft mode shape of
the support structure at height h. The AAD control actions are scaled by the partial derivative from pitch to aerodynamic thrust
FAβ (ωR , β ) < 0 . In addition, the gain scheduling factor η (ωR , β ) ≥ 0 is included to allow for the AAD controller to be tuned separately
for a range of wind speeds. In reality, both FAβ (ωR , β ) and η (ωR , β ) depend on the free stream wind velocity v. In order to avoid the use
of uncertain wind speed measurements, this dependence is removed by expressing v as a function of the controlled parameters β and
ωR .
2.3. Active generator torque control (AGT)
The generator torque aﬀects the side-side motion of the support structure through the reaction on the generator stator, which is
ﬁxed to the main frame at the tower top. It is therefore possible to increase the damping of the side-side vibration modes of the
support structure by controlling the generator torque in opposite phase with the side-side velocity [19]. Similar to the AAD controller,
the nominal controller and the AGT controller are treated as two independent controllers, and their demanded generator torque
actions are superimposed [13]. The speed variation caused by the AGT controller may cause undesirable coupling with the nominal
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pitch controller, which is mitigated by limiting the gains of the AGT controller [7,18].
The control law for the AGT control actions is derived based on the second order diﬀerential equation describing the response of
the support structure in its ﬁrst side-side mode. Neglecting the friction in bearings and the gearbox [19], the only loads acting in the
side-to-side direction are wave loads, and the generator torque QG . By introducing a feedback from the side-side tower top velocity ẏ
to the generator torque, the following control law is proposed:

Q AGT = −

KAGT
y˙
q′ y (h)

(2)

where KAGT ≥ 0 is the controller gain, and qy (z ) is the ﬁrst side-side vibration mode of the support structure at vertical position z. The
constant qy′ (h) > 0 is the partial derivative of qy (z ) with respect to z at height h.
2.4. Soft cut-out (SCO)
When the cut-out wind speed is exceeded for a speciﬁed period of time, a shut down procedure is triggered, and the wind turbine
is switched to idling mode and disconnected from the grid [14]. For an onshore wind turbine, the cut-out wind speed is deﬁned based
on a compromise between the lifetime power production, and the addtional cost introduced by designing the wind turbine to
withstand the loads imposed by operation in high wind speeds [35]. However, for oﬀshore wind turbines, the loads, particularly in
the support structure, are not necessarily reduced by shutting down the wind turbine. For support structure designs suﬀering from
wave induced fatigue loads, the lack of aerodynamic damping in severe environmental conditions may be responsible for a considerable contribution to the lifetime accumulated fatigue damage [7].
Though there are multiple advantageous consequences of SCO, the main focus of this paper is the eﬀect of SCO in terms of fatigue
damage in the support structure. Multiple strategies for SCO exist [5,7,14,35]. Typically, a downrating of the wind turbine is performed by a gradual reduction of the rotor speed, either stepwise [5,7], or continuously [35]. The aim is to limit the aerodynamic
loads to avoid an increase in possible design-driving ultimate loads, and to reduce the risk of rotor over-speed events [5]. Similar to
[5,7], a single stepwise reduction of the rotor speed to 80% of the nominal rated value is performed. This corresponds to a downrating
of the wind turbine to 8 MW. The generator torque input is proportional to the power reference. In order to reduce the magnitude of
generator torque ﬂuctuations by approximately ≈ 10%, the power reference is further reduced to 7 MW.
2.5. Active idling control (AIC)
Normally, the blades are pitched to feather (90∘ ) during idling in order to minimize the aerodynamic loading of the rotor.
Consequently, negligible fore-aft aerodynamic damping is present when the wind turbine is parked. By maintaining a pitch angle
< 90∘, the aerodynamic loads on the rotor are increased, resulting in a considerable damping contribution to the fore-aft vibration
mode [7]. In the present work, AIC is performed with the blades pitched to some prescribed setting. The pitch actuators are therefore
not required to be functional. However, some types of actuator faults may still prevent AIC. If, for example, one or more of the pitch
actuators are stuck, the asymmetric loading of the rotor may cause unacceptably large vibration in the RNA and the support structure.
AIC does not require the generator to be grid-connected, but the shaft must be free to rotate without faults in the drive-train including
the gearbox. Furthermore, the rotor must be aligned with the wind direction, which requires the yaw system to be functional. In Ref.
[27], these components were found to contribute to the total downtime by 10% for the yaw system, 5% for the drive-train module
including the gearbox assembly, and 20% for the pitch system. Assuming that only half the pitch system faults prevent the use of AIC,
the rotor is allowed to rotate during 75% of the time the OWT is parked with fault. The remaining 25% is normal idling with the blades
pitched to feather.
Selecting the pitch angle for AIC involves a trade-oﬀ between the rotor speed and the magnitude of the damping contribution.
Higher allowable rotor speeds increase the damping contribution, and vice versa. In the present work, a constant pitch angle of 40∘ is
applied. With a constant pitch angle of 40∘, the rotor speed is approximately 0.9 [rad/s] at V = 40 [m/s], which is below the rated
rotor speed ωRated = 1.005 [rad/s]. It is assumed that this is a reasonable upper limit for the wind speeds encountered during AIC. An
issue emerging from AIC is the interaction between the 3P frequency and the ﬁrst fundamental frequency of the support structure. In
the present work, this problem is not addressed speciﬁcally, however, initial investigations show that the fatigue loads resulting from
this issue are small.
2.6. Support structure damping and tuned-mass damper (TMD)
Neglecting aerodynamic damping from the rotor, the predominant global damping contributions for monopile OWTs are material
damping, soil damping, hydrodynamic damping, aerodynamic tower damping, and additional damping devices such as a tower
oscillation damper [8]. Several studies have been performed to estimate the damping ratios for monopile OWTs, and particularly the
damping contribution emerging from soil-structure interaction. The total system damping was estimated from rotor stop tests in Ref.
[8]. The study considered data from more than 1500 tests divided between four diﬀerent wind parks with soil conditions similar to
the Dogger Bank. The results showed an average total damping ratio of ≈ 2.5%, where ≈ 1% was attributed to soil damping, and
≈ 0.4% was attributed to material-, hydrodynamic- and aerodynamic tower damping. All wind turbines were equipped with a
structural damping device which was assumed to contribute with the remaining ≈ 1.1%. Similar, but slightly lower damping ratios
507

Marine Structures 61 (2018) 503–523

E. Smilden et al.

were observed by Refs. [9,10], which investigated rotor stop tests performed on an oﬀshore wind turbine placed in a location with
soil mainly consisting of sand. The structural damper was turned oﬀ during the tests, and the total damping ratio was estimated as
≈ 1.0%. Furthermore [37], concluded that soil-structure interaction contributed with damping in the range 0.17% - 0.72% for soil
conditions that are typical for the North Sea. Based on these results, the damping ratio for the support structure is taken as 1.1%,
where 0.5% is due to material-, hydrodynamic- and aerodynamic damping, and 0.6% is due to soil damping. Two TMDs are included in
the simulation model, increasing the damping ratio for the ﬁrst fore-aft and side-side vibration modes to 2.2%. The TMDs are located
in the top of the tower, and the TMD mass is 20 tonnes, corresponding to approximately 2% of the modal mass for the ﬁrst fundamental mode. The natural frequency of the dampers are tuned to the natural frequency of the ﬁrst fundamental mode, and a conﬁguration with two independent dampers in the fore-aft and side-side direction is used, following [38].
3. Simulation setup
This section is organized as follows: First, a procedure for establishing an environmental design basis is presented. Next, the
design load cases are selected according to the standard [39]. Further, the simulation model is presented, and the procedure for
estimation of support structure fatigue damage is explained. Finally, the comparison parameters that will be used to assess the
performance of control strategies are established.
3.1. Environmental conditions
A wind farm site at the Dogger Bank in the North Sea is chosen as the design location. Hindcast data for a period of 60 years with a
resolution of 3 h, are provided by the Norwegian Meterological Institute. Details regarding the hindcast, which covers the North Sea,
the Norwegian Sea, and the Barents Sea, are found in Ref. [33]. Furthermore, a detailed statistical description of the metocean data
for the design location is given in Ref. [17], and some important features with regard to assessment of the lifetime fatigue strength are
presented in Ref. [6]. The metocean data contains information about signiﬁcant wave height Hs , peak period Tp , wave direction, mean
wind speed V, and wind direction. Turbulence intensity and wind shear, which were not considered in the hindcast, are accounted for
in accordance with [40]. A complete assessment of the lifetime fatigue strength of the support structure should include long-term
variations in at least: Hs , Tp , V, wind direction, wave direction, and turbulence intensity. The number of environmental parameters
can be reduced to four by assuming the turbulence intensity to be a function of V, and introducing the misalignment angle ψ as the
relative angle between the wind and wave direction. Even with the reduction of environmental parameters, it is computationally
impracticable to consider all possible combinations. A procedure for lumping of environmental conditions to environmental load
cases (ELCs) is therefore developed:
Step 1 Grouping of metocean data: To reduce the number of environmental conditions, the metocean data is distributed into a
three dimensional collection of bins, based on the environmental parameters V, ψ, and Hs . Starting with wind speed V, a bin
size of 2 [m/s], in accordance with [39], is used. Further, the wind/wave misalignment ψ is divided into sectors of 30∘ as
shown in Fig. 3, with wind always coming from 0∘ , and waves coming from 0∘ , 30∘, …, 180∘ [6]. Following [3], the number of
bins are halved by merging the sectors mirrored about the vertical axis. For each of the 16 × 7 = 112 combinations of V and ψ,
three sea states are considered. The resulting number of ELCs are 16 × 7 × 3 = 336. However, after removing the environmental conditions with occurrence probability less than 1 × 10−4 , the number is reduced to 138.

Fig. 3. Wind/wave misalignment bins, with wind from 0∘ and waves from 0∘ , 30∘, …, 180∘ . Bins with the same shade of grey are merged [3,6]. (For
interpretation of the references to color in this ﬁgure legend, the reader is referred to the Web version of this article.)

508

Marine Structures 61 (2018) 503–523

E. Smilden et al.

Fig. 4. Procedure for establishing lumped environmental load cases (ELCs).

Step 2 Wind conditions: A reliable estimate of the lifetime accumulated fatigue damage cannot be achieved by coarsely grouping
the metocean data and only considering the center value of each bin. For each bin, an equivalent load case that represent the
fatigue damage from all the observed combinations of environmental conditions within the bin. When the wind turbine is not
operating, the aerodynamic contribution to fatigue damage is negligible, and the center value can be taken as a representative
wind speed. In operation, the aerodynamic response of the wind turbine may be assumed independent of the sea state. It is
therefore acceptable to estimate the aerodynamic contribution to fatigue damage for diﬀerent wind speeds without considering hydrodynamic loads [41]. Short-term fatigue damage is computed for wind speeds between V = 4 [m/s] and V = 26
[m/s] with 1 [m/s] intervals based on 1-h simulations. Further, the results are weighted by the long-term distribution of wind
speed. The equivalent wind conditions are found as the center of mass for each wind speed bin calculated from the long-term
distribution of fatigue damage.
Step 3 Wave conditions: Due to the wind speed dependent aerodynamic damping, the hydrodynamic contribution to fatigue damage depends on the wind conditions. When the wind turbine is operating, the aerodynamic damping of the fore-aft vibration
modes reduces fatigue loads compared to a wave-only condition [41]. Here, the hydrodynamic contribution to fatigue damage
is considered without taking into account the eﬀect of aerodynamic damping. The result is a moderate shift in Hs and Tp
towards higher sea states with wave frequencies closer to the ﬁrst modal frequency of the support structure and a conservative
set of ELCs. An alternative method based on hydrodynamic transfer function combined with an iterative procedure is described in Ref. [41]. This method would produce less conservative load cases, but requires a set of hydrodynamic transfer
functions to be derived for each wind speed bin. The method is further complicated by the load mitigation controllers because
they change the response of the wind turbine to hydrodynamic loads. Similar to the wind conditions, the short-term fatigue
damage is computed for diﬀerent combinations of Hs and Tp with 0.5 [m] intervals for Hs , and 1 [s] intervals for Tp . The
weighted fatigue damage is then found for each combinations of V and ψ, and the equivalent wave conditions are found as the
center of mass for each sea state class calculated from the long-term distribution of fatigue damage.
The procedure for lumping of ELCs is summarized in Fig. 4, and the resulting ELCs are given in Appendix B.
The wave time series are generated based on the JONSWAP spectrum with the peak enhancement factor γ given by Hs and Tp in
accordance with [42], and long-crested waves are assumed. The three-dimensional turbulent wind ﬁelds are generated based on the
Kaimal spectrum using the full-ﬁeld turbulence simulator TurbSim by NREL [43]. The Class B normal turbulence model (NTM) is
assumed, and the wind shear is modeled by a power law with shear exponent 0.14 [40]. Simulations are performed with a duration of
3900 s, with the ﬁrst 300 s removed to exclude the start-up transients. For each ELC, two random seeds are used, resulting in a total
simulation time of 2 h.
Table 1
Design load cases (DLCs) for FLS analysis recommended by the standard by DNV GL [39]. NTM refers to normal turbulence model, NSS refers to
normal sea state, MUL refers to multidirectionality of environmental condtions, and MIS refers to wind/wave misalignment.
DLC

Design Situation

Wind condition

Wave condition

Directionality

Description

1.2

Power production

NSS

MUL MIS

Normal operation, with no faults, and with a func-tional control system

6.4

Parked

NSS

MUL MIS

Idling below cut-in wind speed or above cut-out wind speed

7.2

Parked with fault

NTM
Vin < V < Vout
NTM
V < VinV > Vout
NTM
Vin < V < Vout

NSS

MUL MIS

Idling after the occurrence of a fault
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3.2. Design load cases
The design load cases (DLCs) considered for calculation of the lifetime accumulated fatigue damage are given in Table 1. Situations such as startup and shutdown, or occurrence of failure modes, are assumed to have small contributions to fatigue damage
over the lifetime of the support structure, and design load cases concerning these situations are disregarded [7]. Furthermore, design
load cases concerning operation with ice formation, and transport, installation, maintenance, and repair, are also disregarded.
In DLC 7.2 the wind turbine is idling after the occurrence of a fault. It is assumed that the availability of the wind turbine is
independent of environmental conditions, and that the total availability is 90%, following the recommendation of [39]. DLC 7.2
therefore accounts for 10% of the lifetime, evenly spread over all environmental conditions. An availability ratio of 90% is a conservative estimate, and contractual availability of 95% is common for oﬀshore wind turbines [44].
When the wind turbine is operating (DLC 1.2), or is parked without fault (DLC 6.4), the yaw system is active. Following the
recommendation of [39], yaw errors of ± 8∘ are introduced in the simulations to account for the hysteretic behaviour of the yaw
system. When the wind turbine is parked with fault (DLC 7.2) the yaw system cannot be assumed active. Due to limitations of the
simulation tool and implemented theory, large yaw misalignments give unreliable results. Yaw errors of ± 8∘ are therefore assumed
also for DLC 7.2.
3.3. Simulation model
The wind turbine is modeled in the aero-hydro-servo-elastic simulation tool SIMA by SINTEF Ocean. The structural model
comprising the foundation, tower, and blades, is modeled using nonlinear beam elements that accounts for large deformations [4].
The soil stiﬀness is modeled using nonlinear springs with stiﬀness properties computed from pressure-displacement curves. The soil
proﬁle is based on conditions at the Dogger Bank with a 1.5 m top layer of cohesionless soil (sand) followed by cohesive soils (clay).
The pressure-displacement curves are computed according to [45] using the most conservative (lowest) estimate of the clay shear
strength. The material-, hydrodynamic- and aerodynamic damping is accounted for by stiﬀness-proportional Rayleigh damping
distributed along the complete support structure, and the soil damping is accounted for by increasing the Rayleigh damping in the
foundation beneath the mudline.
Aerodynamic loads are modeled using blade element momentum (BEM) theory with corrections for tip loss, hub loss, dynamic
inﬂow, dynamic wake, skewed inﬂow, and tower shadow [46]. Hydrodynamic loads are calculated based on Morison's equation
accounting for relative velocities and assuming Airy linear wave theory with the wave kinematics integrated to the instantaneous free
surface [47]. In all simulations, the inertia coeﬃcient is taken as CM = 2 and the quadratic drag coeﬃcient is taken as CD = 0.9 [4].
The simulation model is based on the 10 MW reference wind turbine of DTU Wind Energy [32] placed on a monopile foundation with
diameter 8.5 m. The monopile is placed in 30 m water depth, and the total depth of the monopile is 42 m below the seabed. The wind
turbine tower is stiﬀened compared to the tower in Ref. [32] through a 20 % increase in wall thickness [4]. The ﬁrst modal frequencies of the support structure are 0.214 Hz for the fore-aft mode, and 0.213 Hz for the side-side mode.
3.4. Support structure fatigue calculation
The lifetime accumulated fatigue damage is computed by combining short-term estimates of fatigue damage with the long-term
variations in environmental conditions. The short-term fatigue damage is calculated based on rainﬂow counting of stress cycle
amplitudes [48], and summation of fatigue damage based on the S-N approach following the Palmgren-Miner linear damage hypothesis. The short-term time histories of stress in the support structure are computed from time histories of bending moments and
internal forces obtained from SIMA. Only the fatigue contribution from axial stress is considered. The post processing of stress
histories is performed in MATLAB using the WAFO implementation [34] of rainﬂow counting, the S-N method and Palmgren-Miner
summation modiﬁed to account for a bi-linear S-N curve.
The S-N curve recommended by Ref. [49] for steel in water with cathodic protection is applied. Because fatigue damage is likely
to occur in weld details rather than in the base material, detail category D is used [4]. The applied S-N curve is bi-linear with
exponent 5 for high-cycle fatigue and exponent 3 for low-cycle fatigue. Stress calculations are performed with a stress concentration
factor of 1. Higher stress concentration factors may be applicable for some sections of the support structure such as the tower top, the
intersection between the tower and the transition piece, or at the mudline. This is, however, disregarded for simplicity, since the focus
is on comparison of control strategies. Locations along the support structure that are critical with regard to fatigue strength are the
foundation beneath the mudline, and in the intersection between the tower and the transition piece [4,6,7]. It is required by Ref. [50]
to use a safety factor of 3 for non-accessible areas, which applies for the foundation, but not the tower. Based on initial investigations,
the foundation is taken as the critical component with regard to fatigue failure. The cross-section 6 m below the mudline was found to
have the highest fatigue utilization.
3.5. Performance comparison parameters
Several representative parameters related to diﬀerent wind turbine components are used to evaluate the performance of the load
mitigation strategies. All performance parameters are presented by comparison with the baseline case, expressed in percentage. The
performance comparison parameters and their desired trend are summarized in Table 2. For all components it is desirable to limit the
increase in performance parameters as much as possible, except from the power output. Because the actual fatigue utilization of the
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Table 2
Performance comparison parameters and their desired trend, classiﬁed according to system components. A downward pointing arrow indicates that
the desired trend is a reduction of the performance parameter, and vice versa.
Component
Support structure

Blade root

Pitch actuators

Drive-train
Power production

Performance parameter

Description

Desired trend

20
D Max

Maximum fatigue damage

↓

20
DFA

Fore-aft fatigue damage

↓

20
DSS

Side-side fatigue damage

↓

DEL20
Edge

Edgewise fatigue loads

↓

DEL20
Flap

Flapwise fatigue loads

↓

DEL20
β

Actuator bearing fatigue loads

↓

ADC20
β

Actuator duty cycle

↓

20
DELGear
DEL 20
Shaft
20
POut
20
PStd

Gear tooth fatigue loads

↓

Shaft fatigue loads

↓

Power output

↑

Standard deviation of power output

↓

foundation is estimated, and a bi-linear S-N curve is applied for the fatigue calculations, fatigue damage (D) is used as performance
measure for the support structure. For the other components, damage equivalent load (DEL) is used. It is stressed that changes in D
and DEL are scaled diﬀerently. For a given S-N slope exponent p, the relationship between a change in fatigue damage ΔD and fatigue
load Δ DEL is given by
1

(3)

ΔDEL = ΔD p
20
)
(Dmax

in the critical foundation cross-section, is taken as the primary
The maximum 20-year accumulated fatigue damage
measure of control strategy performance in terms of support structure fatigue damage. In addition, the 20-year accumulated fatigue
20
20
damage in the fore-aft direction (DFA
) and the side-side direction (DSS
) in the critical cross-section, is computed to investigate how
the control strategies aﬀect the fore-aft and side-side vibration modes. Wind speed directionality is disregarded from the analysis in
20
20
order to compute DFA
and DSS
(only the relative wave direction is considered). The full lifetime fatigue damage considers both eﬀects
around the full circumference of the foundation.
Further, the blade root fatigue loads are considered. The ﬂapwise and edgewise lifetime weighted damage equivalent load,
20
denoted as DEL 20
Edge and DEL Flap , are computed from the time histories of blade root bending moments. The long-term DEL for a load S
over k number of ELCs is calculated according to
k

DEL20

ni

∝ ⎛∑ P [i] ∑ Sjp nj⎞
j
⎝i
⎠
⎜

1
p

⎟

(4)

where p is the slope of the S-N curve, nj is the number of load cycles at load range Sj [48], and ni is the number of load ranges for ELC i
with probability P [i]. Because only the relative value compared with the baseline case is used, all constants are ommited from the
expression in Eq. (4). The number of load cycles per load range is determined by use of rainﬂow counting, with an S-N slope of p = 10
following [51].
The main concern related to pitch activity is wear of the pitch actuators. According to [15,52], a rough estimate of the fatigue
damage in the pitch bearings, which are typically critical components of the pitch actuator, is given by the DEL over N revolutions of
the bearing, given by

⎛1
DELβ =
⎜N
⎝

⎞
∑ |Mo,j |p nj ⎟
j
⎠

1
p

(5)

where Mo is the overturning moment in the pitch bearing, nj is the number of revolutions of the pitch bearing at loading level Mo, j ,
and the exponent p is a bearing type-speciﬁc parameter. The stress range and counting of stress cycle amplitudes for bearing and
gearing is fundamentally diﬀerent to that of other wind turbine components. Whereas fatigue damage in the support structure or the
blades is governed by ﬂuctuations in the external loads, the fatigue damage in bearings or gears is governed by input load level and
the rate and number of revolutions of the component [53,54]. Following a similar approach as in Ref. [15], the sum is taken over each
time step with the increment in pitch angle taken as nj . The long-term wear of the pitch actuator bearings for k number of ELCs is then
given by
1
p

k

T
⎞
⎛
∝ ⎜∑ P [i]
|Mo, i (t )|p |β˙i (t )| dt ⎟
0
(6)
⎠
⎝ i
where Mo, i (t ) . and β˙i (t ) are the time histories of overturning moment and blade pitch rate for ELC i with probability P [i] and duration
T. The exponent p = 3 is used corresponding to typical S-N curves for ball bearings [52]. Furthermore, it is desirable to include also a

DEL20
β

∫
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measure of the lifetime use of the pitch actuators. A measure used to quantify pitch actuator use over a time period of duration T, is
the pitch actuator duty cycle ADCβ , deﬁned in Ref. [55] as

1
T

ADCβ =

∫0

β˙i (t )
dt
β˙

T

(7)

max

where β̇max > 0 is the maximum allowable pitch rate. Computing ADCβ for each ELC, and summing over the lifetime, yields the
following expression for the lifetime use of the pitch actuators:
k

ADC20
β ∝

∑ P [i] ∫0

T

|β˙i (t )| dt

(8)

i

It can be seen from the expression in Eq. (8) that ADCβ is a measure of the distance traveled for the pitch actuator.
The fatigue life of drive-train components is aﬀected by both additional generator torque variations and aerodynamic torque
variations caused by additional pitch activity. The drive-train is represented by a lumped mass model accounting for generator
inertia, and shaft torsional ﬂexibility. Although the simulation model does not include a detailed description of the gearbox, rough
estimates of the fatigue loads in both the shaft and the gearbox may be computed based on the global torsional loads obtained from
the lumped mass model. First, the gear tooth root bending fatigue is considered. Following the method described in Ref. [53], the
internal gear dynamic eﬀects are neglected, and the gearbox transmitted force is given by

FGB =

2
(Q A − (IR + NG2 IG ) ω˙ R)
d1

(9)

where d1 is the gear pitch circle diameter, IR and IG are the rotor and generator torsional moments of inertia, NG is the gear ratio, ω̇R is
the rotor angular acceleration, and Q A is the aerodynamic torque on the main shaft. A single gear tooth goes into contact once every
revolution of the gear, causing the tooth root bending stress or surface pitting stress to ﬂuctuate between zero and a peak value
corresponding to the gear input load [53]. Following the recommendation of [56], the load spectra for the gearbox should be
determined by use of the load duration distribution method (LDD). According to [53,57] the gear tooth root bending stress can be
assumed to vary between zero and a peak value proportional to the gear transmitted force given by Eq. (9). The time series obtained
from short-term simulations are therefore divided into bins depending on the load level, and the fatigue damage is determined by the
number of gear revolutions at each load level. Similar to the pitch bearing, the DEL at N revolutions of the gear can be formulated as

DELGear

⎛1
=
⎜N
⎝

∑ |Fj

|p t

j

⎞
j ωj
⎟
⎠

1
p

(10)

where Fj is the load level given by the upper value of bin j, t j is the time duration of the bin, and ωj is the average gear angular speed
within the bin. The expression in Eq. (10) can be expressed on continuous form by assuming inﬁnite load levels and taking the sum
over each time step. The lifetime DEL of the gear is then given by
k

20
DELGear

⎛
∝ ⎜∑ P [i]
⎝ i

∫0

T

⎞
FGB, i (t ) pωi (t ) dt ⎟

1
p

(11)

⎠

where FGB, i (t ) and ωi (t ) are time histories of gear transmitted force and gear angular speed, and S-N slope exponent p = 6.225 is
applied following [53]. The torsional fatigue loads in the drive-train shaft, denoted as DEL 20
Shaft , are also computed from the gear
transmitted force in Eq. (9). Similar to the blade roots, the long-term DEL for the shaft is calculated according to Eq. (4) with rainﬂow
counting of stress amplitudes. The S-N slope exponent p = 3 is used as suggested by Ref. [58].In addition to fatigue loads in wind
20
20
turbine components, the lifetime energy yield POut
, and lifetime weighted standard deviation in the power output PStd
are included as
performance measures to investigate how the power output is aﬀected by the control strategies that are active during power production.
4. Simulation results
The simulation results are organized as follows: First, the results of the baseline design case are evaluated to identify the key
contributors to fatigue damage in the support structure. The results give an indication of the potential for fatigue load reduction with
the various control strategies, and aid to understand the results presented subsequently. Next, the lifetime eﬀects of the diﬀerent
control strategies are analysed, and the performance is evaluated based on the comparison parameters established in Sec. 3.5.
Further, the trade-oﬀs between fatigue load reduction and undesirable side-eﬀects are investigated. The aim is to explore the potential of situational use of control strategies to improve the overall performance. Based on the results, some trigger criteria for
enabling control strategies are established. In the subsequent analysis, these trigger criteria are employed to achieve a desired level of
fatigue load reduction at minimum cost to other system components. Finally, the ability of the control system to compensate for
diﬀering fatigue loads due to varying site conditions is analysed.
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Fig. 5. Radial distribution of lifetime accumulated fatigue damage in the support structure 6 m below the mudline for diﬀerent combinations of
design load cases (DLCs). The result of the full lifetime analysis including the directionality of the wind speed is given in the plot to the left, and the
results without considering wind speed directionality (wind always from 0∘ ) is given in the plot to the right. The results are presented as combinations of the DLCs with, for example, DLC 1.2 + 6.4 denoting the results of these two load cases superimposed.

4.1. Baseline design case evaluation
The radial distribution of lifetime accumulated fatigue damage in the foundation 6 m below the mudline is presented in Fig. 5. The
results are given for diﬀerent combinations of the DLCs, showing that DLC 1.2 and DLC 7.2 are responsible for the majority of the
fatigue damage. Notably, DLC 7.2 contributes with more than 30% of the total fatigue damage, highlighting the importance of wind
turbine availability for the fatigue design of monopile foundations. The eﬀect of wind turbine availability depends on the relative
importance of aerodynamic and hydrodynamic fatigue loads. A high incidence of rotor idling is positive in terms of aerodynamically
induced fatigue loads. The opposite is true for the hydrodynamically induced fatigue loads, which are exacerbated by the lack of
aerodynamic damping when the wind turbine is parked. For the present design case the fatigue damage is dominated by hydrodynamic fatigue loads [6], making DLC 7.2 particularly harmful.
The fatigue damage is nonuniformly distributed around the circumference of the support structure, with southwest/northeast
being the most critical orientations. This is expected, as the design location is characterized by a high incidence of wind and wind-sea
from southwest [17]. The diﬀerence between the minimum and maximum fatigue damage around the circumference of the support
structure is, however, only approximately 20%. With a safety factor of 3, the maximum accumulated fatigue damage is 1.2, suggesting
that the foundation will fail during 20 years at the design location. There are, however, many uncertainties related to the wind
turbine model and the fatigue strength analysis. The fatigue design of the support structure is therefore not further optimized, and it is
assumed that the monopile with the chosen dimensions is a realistic representation of a foundation design within the scope of the
present work.
The plot in Fig. 5b shows how the fatigue damage is distributed between the fore-aft and side-side vibration modes. The results are
given for the total fatigue damage around the full circumference of the foundation, and the participation of the fore-aft and side-side
20
vibration modes at the point of the maximum fatigue damage DMax
, may be diﬀerent. The fatigue damage in the side-side direction is
20
from DLC 6.4 and DLC 7.2. The
approximately 20% compared with the fore-aft direction, and there is a negligible contribution to DSS
diﬀerence between operation and idling in terms of response to hydrodynamic loads is small, and the 80% of the time the wind turbine
20
is in DLC 1.2 is expected to be responsible for the larger share of DSS
. Moreover, due to the larger projected area when the blades are
pitched to feather, the aeroelastic damping in the side-side direction is higher when the wind turbine is parked [59,60]. The absence
20
of fatigue loads due to generator torque variations further reduces the contribution to DSS
from DLC 6.4 and DLC 7.2.
20
20
The contribution to DFA and DSS as a function of wind/wave-misalignment is given in Fig. 6 together with the lifetime probability

Fig. 6. Lifetime probability and contribution to fore-aft and side-side fatigue damage as a function of wind/wave-misalignment ψ.
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Fig. 7. Lifetime probability and contribution to fore-aft and side-side fatigue damage as a function of wind speed V.

Table 3
Main contributions to fatigue damage in the support structure and associated control strategies for fatigue load reduction.
DLC

20
Contribution to D Max

Direction of

Source of fatigue loads

Control strategy

1.2
6.4
7.2

61.5%
5.6%
32.9%

Fore-aft/side-side
Fore-aft
Fore-aft

Hydrodynamic/Aerodynamic
Hydrodynamic
Hydrodynamic

AAD/AGT
SCO
AIC

of the associated environmental conditions. Environmental conditions with wind/wave-misalignment less than 15∘ are the main
20
contributors to fatigue damage in the fore-aft direction. Furthermore, DLC 7.2 contributes with approximately 40% of DFA
, meaning
that, for a given time duration, DLC 7.2 is on average more than 6 times as harmful as DLC 1.2. The fatigue damage in the side-side
direction is mainly caused by environmental conditions with wind/wave-misalignment between 15∘ and 105∘ . With reference to Fig.
20
20
B.12, this is due to a combination of moderate probability and severity of the sea states. The contributions to DFA
and DSS
are given in
Fig. 7 as a function of wind speed. In the fore-aft direction, the majority of the fatigue damage is caused by environmental conditions
with wind speeds above the rated wind speed. In the side-side direction, the majority of the fatigue damage is caused by environ20
mental conditions with wind speeds around the rated wind speed. Further, it is observed that the main contribution to DFA
from DLC
6.4, is from environmental conditions with wind speed above the cut-out wind speed.
The main contributions to fatigue damage in the support structure are summarized in Table 3 together with the primary source of
the associated fatigue loads, and the appropriate control strategies for fatigue load reduction. Based on the presented results, AAD
and AIC are expected to yield the largest reductions in the lifetime accumulated fatigue damage.
4.2. Long-term evaluation of control strategies
The control strategies are evaluated by comparison with the baseline case in Table 4. Starting with the eﬀect of AAD, a considerable reduction is achieved for both the fore-aft and the maximum fatigue damage. Noticeably, the reduction of fore-aft vibrations
also has a positive eﬀect on the side-side vibrations, resulting in a reduction of the side-side fatigue damage as well. The fore-aft and
side-side vibration modes have closely spaced natural frequencies, and coupling between the two modes is expected. Consequently,
vibrational energy is transferred from the higher damped mode (fore-aft) to the lower damped mode (side-side) [8]. Absorbing
energy from the fore-aft mode therefore results in less energy being transferred to the side-side mode. Further, the blade root fatigue
loads are also reduced as a result of AAD. Support structure vibrations cause inertia loads in the blade roots, which consequently are
reduced by AAD. The reduction of inertia loads is seen to outweigh the increase in aerodynamic fatigue loads caused by the additional
pitch activity. As expected, the increased pitch activity results in a considerable increase in both the pitch actuator fatigue loads, and
the pitch actuator duty cycle. The shaft is also seen to be negatively aﬀected by AAD, presumably due to increased variations in the
shaft speed, and variations in the aerodynamic torque transferred to the low-speed end of the shaft.
AGT causes a considerable reduction of the side-side fatigue damage. Because the maximum fatigue damage is mainly caused by
Table 4
Lifetime comparison of load mitigation strategies with performance parameters given in percentage [% ] of the baseline case.
Favorable eﬀects are indicated by green cells, and undesirable eﬀects are indicated by red cells.
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20
fatigue loads in the fore-aft direction, the improvement in DMax
is moderate. Similar to AAD, the edgewise fatigue loads in the blade
root are reduced as a consequence of the alleviation of inertia loads. Other undesirable side-eﬀects of AGT is increased fatigue loads
in the shaft, and increased variability of the power output. The results with AAD and AGT acting simultaneously show that the eﬀect
of the combined controllers cannot be determined accurately by considering the control strategies separately. However, for qualitative assessment of the controller performance, for example in the context of controller tuning or selection of environmental trigger
criteria for the control strategies, it is acceptable to assume that the controllers are independent.
The gain of operating the wind turbine in wind speeds above the nominal cut-out wind speed (SCO) is small with respect to the
20
maximum fatigue damage. Comparing the 2.9% improvement in DMax
with the 0.11 % probability of wind speeds exceeding 26 [m/s],
there is a clear advantage of SCO. Due to the low probability, the other performance parameters, including the lifetime energy yield,
are not much aﬀected by SCO. This conclusion is, however, dependent on the environmental conditions.
With AIC, a considerable improvement in both the fore-aft and maximum fatigue damage is achieved at the cost of only marginal
20
side-eﬀects. Similar to SCO, the gain in terms of DMax
is signiﬁcant when considering the 7.5 % probability of AIC being used. Because
the generator is not operational, the drive-train is not strongly aﬀected by AIC. However, a small increase in shaft fatigue loads is
introduced by the additional aerodynamic torque. A slight increase in the side-side fatigue damage and edgewise blade root fatigue
loads is also seen due to the reduced aeroelastic damping of the side-side vibration mode compared with the normal idling state. The
aerodynamic loading of the blades is increased by AIC. However, similar to the case with AAD, the reduction of inertia loads
outweighs the increased aerodynamic loads.
20
The fatigue loads in the gear (DELGear
), and the energy yield are not strongly aﬀected by any of the control strategies. Gear fatigue
is governed by the magnitude of the drive-train loading, and rotational speed, which are not much aﬀected by the diﬀerent control
strategies. Furthermore, the control strategies that are enabled during power production cause only ﬂuctuations in parameters that
aﬀect the energy yield, while the mean values remain approximately unchanged.

4.3. Qualitative comparison with a 5 MW oﬀshore wind turbine
In the following, the results for the 10 MW OWT in 30 m water depth are compared with the results for the 5 MW monopile OWT
in 20 m water depth studied in Ref. [7]. There are several important diﬀerences between these cases. Firstly, due to the larger
monopile diameter and larger water depth, the 10 MW OWT is subject to higher hydrodynamic loads. Moreover, the ﬁrst modal
period of the 5 MW OWT is approximately 3.6 s, which is considerably farther away from typical wave periods compared with the
4.7 s modal period for the 10 MW OWT. Finally, the 10 MW OWT is equipped with a TMD, which reduces the fatigue load contribution from idling, and from side-side vibrations during normal operation. Details regarding implementation of the control
strategies, such as controller gains, are in general diﬀerent for the two cases. Furthermore, while a bi-linear S-N curve with exponents
3 and 5 is used for the 10 MW OWT, a linear S-N curve with exponent 4 is used for the 5 MW OWT. The present comparison should
therefore be regarded as qualitative.
The fatigue damage reduction with all the considered control strategies combined is approximately 10% higher for the 10 MW
OWT. This diﬀerence is mainly related to AAD and AIC. With AAD, this is expected since the 5 MW OWT is less susceptible to wave
loads. Despite the absence of a TMD, the eﬀect of AIC is reduced for the 5 MW OWT, also partly as a consequence of the diﬀerence in
hydrodynamic response amplitudes. There are some diﬀerences in how AIC is implemented between the two OWTs. For the 5 MW
OWT, the use of AIC is limited to wind speeds below 14 [m/s], and it is assumed independent of the type of fault. Moreover, for the
5 MW OWT the pitch angle is adjusted as a function of the mean wind speed to maintain an approximately constant rotor speed
during AIC. Due to the absence of a TMD, AGT control is more eﬀective for the 5 MW OWT. The same trend is seen for SCO, which is
also aﬀected by the higher probability of exceeding the cut-out wind speed for the design location considered for the 5 MW OWT.
Comparable controller performance parameters are blade root fatigue loads, energy yield, and standard deviation of the power
output. Unlike the 10 MW OWT, the blade root edgewise fatigue loads are increased as a consequence of the control activity for the
5 MW OWT. A similar trend is observed for the ﬂapwise fatigue loads. The change in energy yield is similar for the two OWTs, except
for the additional power production resulting from SCO, which is larger for the 5 MW OWT. Finally, the increase in the standard
deviation of the power output is considerably higher for the 5 MW OWT. The 10 MW OWT is equipped with a medium-speed
generator, whereas the 5 MW OWT is equipped with a smaller high-speed generator. The relative magnitudes of the ﬂuctuation in the
generator torque resulting from AGT are therefore larger for the 5 MW OWT. Moreover, due the absence of the TMD, the side-side
hydrodynamic response amplitudes are larger for the 5 MW OWT.
4.4. Event-based use of control strategies
The desired level of fatigue load reduction can be achieved by limiting the use of control strategies to certain predeﬁned situations, with activation of control strategies based on information about environmental conditions. Activation criteria should be
derived in a rational manner with the aim of maximizing the fatigue load reduction, while limiting the undesired side-eﬀects. It is
assumed that the load mitigation strategies for idling situations are either adopted, or not used at all, such that situational use of
operational controls are the only source of fatigue design ﬂexibility. The trade-oﬀ between fatigue damage in the support structure
and diﬀerent performance parameters are given in Fig. 8 for all possible combinations of activation and deactivation criteria based on
wind speed. The AAD controller and AGT controller are considered separately, and only the performance parameters that are signiﬁcantly aﬀected by the operational controls are investigated. No logic for switching is implemented in the simulations, and the
results are computed as part of the post-processing. For example, if AAD control is used in wind speeds V above a threshold VLim , the
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Fig. 8. Trade-oﬀs between fatigue load reduction and undesirable side-eﬀects for the AAD and AGT controller. All the possible trade-oﬀ scenarios
with diﬀerent trigger criteria on wind speed are presented. The Pareto-optimal scenarios for the investigated parameters are indicated by colored
spots. The results show that if wear of pitch actuators and variability of the power output is the main concern, a single activation/deactivation
criterion on wind speed is Pareto-optimal.

result with baseline control for V < VLim is combined with the results with AAD control for V ≥ VLim .
The trade-oﬀ between fatigue damage in the fore-aft direction and the fatigue loads in the pitch actuators and the drive-train shaft
is given in Fig. 8a for the AAD controller. Minimizing the wear of pitch actuators is the main priority when selecting activation
criteria for AAD, however, it is desirable also to reduce the drive-train fatigue loads. The Pareto-optimal scenarios for DEL20
β are far
V
≥
V
from optimal for DEL 20
,
and
vice
versa.
The
scenarios
with
a
single
activation
criterion
on
wind
speed
uncover
some of
AAD
Lim
Shaft
the fundamental factors behind the results. Notably, whereas these points are all located at the Pareto-front for DEL20
,
they
are
some
β
of the least optimal scenarios for DEL 20
.
It
is
beneﬁcial
to
limit
the
use
of
AAD
in
wind
speeds
below
the
rated
wind
speed,
where
Shaft
the rotor is normally operated with constant pitch. The opposite trend is seen for the shaft fatigue loads, which are mainly aﬀected by
AAD when rated aerodynamic torque is reached. Although they are not presented in the plot, activation criteria of the type
20
VADD ≤ VLim are close to optimal for the shaft fatigue loads. The results for ADC20
β are very similar to the result for DELβ , and they are
therefore not presented.
The trade-oﬀs associated with the AGT control action are presented in Fig. 8b. The trends observed for AGT are diﬀerent to those
of AAD. With the baseline controller, the standard deviation of both generator torque and the power output is most signiﬁcant for
wind speed below the rated wind speed where the rotor is operated with variable speed. The additional penalty of using AGT in terms
of power output variability is therefore lower in the variable speed region. Moreover, the AGT control actions are only signiﬁcant
when there is a suﬃcient amount of sideways excitation from wave loads. This is supported by the labeled scenarios, showing that
with regard to ﬂuctuations in the power output, it is desirable to limit the use of AGT in high wind speeds. The Pareto-optimal
20
activation criteria for PStd
are in some cases also close to optimal for DEL 20
Shaft . The same is not true for the Pareto-optimal scenarios for
20
20
DEL Shaft , which are scattered all over the plot for PStd
. The scenarios with a single activation criterion on wind speed VAGT ≤ VLim
20
(opposite to VAAD), are all close to or on the Pareto-front for PSTD
, and in some cases also close to optimal for DEL 20
Shaft .
For both AAD and the AGT control, it is concluded that the most important side-eﬀects are governed by the mode of the control
system, rather than the source of the fatigue loads. Furthermore, if wear of pitch actuators and variability of the power output is the
main concern, a single activation/deactivation criterion on wind speed is suﬃcient.
4.5. Varying site conditions
Finally, the possibility of using load mitigation strategies to compensate for site variability is investigated. Two types of variability
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Fig. 9. Normalized maximum fatigue damage over the circumference of the foundation under varying site conditions. Results are presented for the
critical cross-section 6 m below the mudline.

in site conditions are investigated; these are variability in water depth, and variability in soil conditions aﬀecting the soil stiﬀness.
Only site-speciﬁc variations which aﬀect the modal properties of the OWT are considered. Site-speciﬁc variations in environmental
conditions such as wake eﬀects, turbulence intensity, and sea states, are not considered. The only change applied to the wind turbine
under the varying site conditions, is tuning of the TMD to the modiﬁed ﬁrst natural frequency of the support structure. When the
variation in water depth is considered, the monopile length is kept unchanged, and the water depth is scaled with a factor ηDepth . The
monopile penetration depth is adjusted to compensate for the change in water depth, meaning that if, for example, the water depth is
increased with 3 m, the monopile penetration depth is reduced with 3 m. The monopile penetration depth is primarily determined
based on ULS considerations. The aim of the present analysis is to analyse the eﬀect of variations in site conditions for a given
foundation design. It is assumed that the change in water depth is within a range which does not require modiﬁcation of the monopile
penetration depth. When variation in soil conditions is considered, the soil proﬁle is kept unchanged, and the soil stiﬀness is scaled
with a factor ηSoil . The modal damping ratios are aﬀected by changes in the modal characteristics resulting from the variations in site
conditions. The damping properties of the support structure are not modiﬁed to compensate for the variation in damping ratios.
The 20-year maximum fatigue damage over the circumference of the foundation with the baseline OWT controller is presented in
Fig. 9 as a function of ηSoil and ηDepth . The results are normalized with the baseline case (ηSoil = ηDepth = 1.0 ). Furthermore, the
corresponding variation in the ﬁrst modal frequency, and the damping ratio is given in Fig. 10. Because the ﬁrst modal frequencies in
the fore-aft and side-side direction are in close proximity, only the fore-aft frequency is presented. Variation in the soil conditions
aﬀects the mode shapes and natural frequencies of the support structure. Increased stiﬀness and damping leads to reduced vibration
amplitudes with less fatigue damage as a result, and vice versa. Moreover, the natural frequency is shifted closer to, or further away,
from typical wave frequencies, altering the dynamic response to wave loads. Due to the large diﬀerence in damping between operation and idling, the changes in modal characteristics aﬀect DLC 7.2 more than DLC 1.2. For this reason, the relative contribution to
the lifetime fatigue damage from DLC 7.2 increase as the stiﬀness- and damping-contribution from the soil is reduced. The results for
variation in water depth are similar to the results for soil variations, however, the monopile fatigue damage is seen to be even more
sensitive to variations in the water depth. When the monopile penetration depth is changed, the modal characteristics are altered,
aﬀecting the natural frequencies and response amplitudes. In addition, the magnitude of the hydrodynamic loads depends on the
water depth, which adds to the sensitivity of fatigue loads to variations in the water depth.
Four diﬀerent scenarios of variation in site conditions around the baseline design case are investigated in the context of control
strategies for fatigue load reduction. Each scenario consists of two sub-cases, denoted as the reference case and the controlled case.
The reference case is the site condition with the least amount of monopile fatigue damage out of the two sub-cases, and the controlled
case is the site condition for which the control strategies for fatigue load reduction is applied. The operational controls considered are
AAD and AGT, and the use of these control strategies is restricted to the boundaries on the wind speed given in Table 5. These
boundaries are chosen based on the previously presented results, assuming that the side-eﬀects of primary interest are pitch actuator
wear, and the standard deviation of power output. Furthermore, the idling controllers AIC and SCO are applied for both the reference
cases and the controlled cases to reduce the impact of DLC 6.4 and DLC 7.2.
First, the eﬀect of variations in site conditions on the performance of the control strategies is investigated. Identical to the analysis
performed in Sec. 4.2, the lifetime eﬀect of permanently enabled control strategies is presented for ηsoil = 0.8, and ηsoil = 1.05 in
Appendix A. In both cases the global stiﬀness and damping are reduced compared with the baseline case, resulting in higher response
amplitudes, and increased eﬀectiveness of AGT and AIC. The cost is a moderate increase in collateral eﬀects, particularly for the AGT
controller. The AAD control activity is only marginally aﬀected by the changes in site conditions. However, the inﬂuence of AAD on

Fig. 10. Variations in the fore-aft modal frequency fFA and the fore-aft damping ratio ζFA under varying site conditions.
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Table 5
Four scenarios for variations in site conditions compensated by use of control strategies for fatigue load reduction. SAAD and SAGT are the sets of
wind speeds for which AAD control and AGT control is enabled, and V is the set of all wind speeds.
Scenario

Type of variability

Reference case

Controlled case

SAAD

SAGT

I
II
III

Soil
Soil
Depth

ηSoil = 1.0
ηSoil = 1.2
ηDepth = 1.0

ηSoil = 0.8
ηSoil = 1.0
ηDepth = 1.05

{V ∈ V : VOut > V > 12}
{V ∈ V : VOut > V > 16}
{V ∈ V : VOut > V > 12}

{V ∈ V : 14 > V > VIn}
{V ∈ V : 14 > V > VIn}
{V ∈ V : 16 > V > VIn}

IV

Depth

ηDepth = 0.9

ηDepth = 1.0

{V ∈ V : VOut > V > 10}

{V ∈ V : 16 > V > VIn}

Fig. 11. Radial distribution of fatigue damage in the foundation for scenario I-IV.
Table 6
Lifetime comparison of the controlled case with the reference case for scenario I-IV. The results are given in percentage [% ] of reference case.
Scenario

I
II
III
IV

Support structure

Blade root

Pitch actuator

Drive-train

Power production

20
D Max

20
DFA

20
DSS

DEL20
Edge

DEL20
Flap

DEL20
β

ADC20
β

20
DELGear

DEL 20
Shaft

20
POut

20
PSTD

+0.5
−3.6
−1.1
+16.9

+0.3
−2.6
−2.5
+15.0

+4.3
−12.7
+2.8
+26.0

+7.7
+1.4
+6.5
+1.0

+2.4
−0.1
−1.4
−0.2

+10.4
+3.2
+9.6
+18.9

+43.1
+17.6
+41.0
+63.5

+0.4
+0.3
+0.4
+0.4

+10.6
+8.5
+10.8
+10.5

0.0
0.0
0.0
0.0

+2.2
+1.7
+3.1
+2.4

the lifetime accumulated fatigue damage is reduced as a consequence of the increased importance of idling situations.
The monopile fatigue damage in the four scenarios is given in Fig. 11, and the eﬀect on the other system parameters is presented
in Table 6. In all scenarios, except scenario IV, the combination of AAD and AGT is capable of compensating for the variation in site
conditions, at the cost of only moderate side-eﬀects. The 3 m change in water depth demonstrated by Scenario IV, is only partly
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counteracted by the operational controls, and the pitch actuators are severely aﬀected by the control action compared with the other
scenarios. The ability of the operational controls to compensate for variations in the site conditions depends on the global stiﬀness
and damping. Comparing, for example, scenario I with scenario II, the diﬀerence in support structure fatigue damage resulting from
the change in soil stiﬀness is lower for scenario II. Consequently, the adverse side-eﬀects to the pitch actuators are less severe for
scenario II. The same trend is observed for variations in the water depth.
5. Conclusions
The present work analysed the applicability of control system design to compensate for diﬀering fatigue loads in the support
structure due to varying site conditions. The design case was a 10 MW oﬀshore wind turbine in 30 m water depth at the Dogger
Bank in the North Sea. Long-term variations in environmental conditions given by 60-years of hindcast data for the design
location were combined with short-term aero-hydro-servo elastic simulations in the 20-year assessment of the fatigue strength
for the support structure. Control strategies applicable for both normal operation and idling situations were considered. The
operational control strategies included active aerodynamic damping control for reduction of fatigue loads in the fore-aft direction, and active generator torque control for reduction of fatigue loads in the side-side direction. The idling control strategies included active idling control and soft cut-out control, both primarily for reduction of fatigue loads in the fore-aft
direction.
For the baseline design case, the fatigue damage was nonuniformly distributed around the circumference of the support structure,
with southwest/northeast being the most critical orientations. This corresponded with the primary direction of wind and wind-sea,
which for the design location is southwest. Approximately 20% of the total fatigue damage was caused by wave loads acting in the
side-side direction, and despite only 10% unavailability, this design situation contributed with approximately 35% of the total fatigue
damage. Further, the performance of the control strategies in terms of fatigue load reduction, and eﬀect on other wind turbine
components, was analysed. Results showed that a total fatigue load reduction of approximately 50% was possible, at the cost of
increased wear of pitch actuators, increased fatigue loads in the drive-train shaft, and increased ﬂuctuations in the power output.
Other system parameters were only moderately aﬀected. Undesirable side-eﬀects may be signiﬁcantly reduced by limiting the use of
the operational control strategies to some predeﬁned situations. Particularly, the wear of pitch actuators due to active aerodynamic
damping, was reduced by approximately 50% by restricting the use of this control strategy to wind speeds above the rated wind speed.
It was also shown that the ﬂuctuations in power output could be reduced by limiting the use of active generator torque control in high
wind speeds.
Two types of variability in the site conditions were investigated: variations in soil conditions aﬀecting the soil stiﬀness, and
variations in the water depth. The fatigue loads in the support structure were more sensitive to variations in the water depth
than to variations in the soil conditions. Furthermore, due to the large diﬀerence in system damping between operation and
idling, the relative contribution to fatigue damage from idling conditions increased with decreasing soil stiﬀness. Further, the
operational control strategies were used to compensate for the changes in fatigue loads arising from the variations in site
conditions. With only moderate cost to other system components, the control system was able to compensate for a 20% variation
in soil stiﬀness. Similar results were achieved with a 5% (1.5 m) increase in water depth. The control system was not fully
capable of compensating for a 10% increase in water depth from 27 m to 30 m, and the undesirable side-eﬀects were more severe
compared with the other scenarios.
The results indicated that the wind turbine's control system is useful for compensating for variations in the soil conditions. The
results with respect to water depth were less promising. There is a clear advantage of the presented methodology in terms of reducing
the design conservatism associated with foundation clustering including also variations in water depth. However, limiting the scope
to soil variability, and including also uncertainty in soil parameters, is likely a more suitable application. The adverse side-eﬀects
associated with the presented methodology were not insigniﬁcant. Control strategies and methodology to further improve the tradeoﬀ between support structure fatigue damage and adverse side-eﬀects should be developed. Active aerodynamic damping had the
most severe side-eﬀects. For large OWTs in moderate water depth, such as the present design case, severe sea states represent a
considerable contribution to the lifetime accumulated fatigue damage. In severe sea states, the wave induced motion is dominated by
the quasi-static response, which is governed by the global stiﬀness. Active pitch control to increase both the damping and stiﬀness of
the fore-aft vibration modes is therefore a strategy which should be explored. Finally, considering the large potential for fatigue load
reduction with active idling control, the literature on this control strategy is sparse. Further research on active idling control is
recommended.
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Appendix A. Supplementary data
Supplementary data related to this article can be found at http://dx.doi.org/10.1016/j.marstruc.2018.03.002.
Appendix A. Control strategy comparison under varying site conditions
Table A.7
Lifetime comparison of load mitigation strategies with performance parameters given in percentage [% ] of the baseline
control case with ηSoil = 0.8.

Table A.8
:Lifetime comparison of load mitigation strategies with performance parameters given in percentage [% ] of the baseline
control case with ηDepth = 1.05.
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Appendix B. Environmental load cases

Figure B.12. Environmental load cases (ELC) for each group of wind/wave misalignment ψ.
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Abstract
The dimensions of offshore wind turbine (OWT) support structures are governed by fatigue
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fatigue utilization. The present work proposes a control scheme to reduce the wave-induced
fatigue loads in OWT support structures. The control scheme applies collective pitch control
to increase both the damping and stiffness of the fore-aft vibration modes. With conventional
active tower damping, efficient wave disturbance rejection is restricted to a narrow frequency
range around the first fore-aft modal frequency. The proposed control scheme achieves efficient
wave disturbance rejection across a broader frequency range. Here, tower feedback control is
implemented via an auxiliary control loop. Based on a low-fidelity model, the effect of the tower
feedback loop on the stability margins of the basic controller is analysed. The results show
that, within certain boundaries, the stability margins are improved by the stiffness term in the
tower feedback loop. Consequently, the need to reduce the bandwidth of the basic controller
to accommodate tower feedback control is relaxed. Based on time-domain simulations carried
out in an aero-hydro-servo-elastic simulation tool, the lifetime effects of the proposed control
scheme are analysed. Compared with conventional active tower damping, a more favourable
trade-off between adverse side effects and the support structure's fatigue damage is achieved
with the proposed control scheme.
KEYWORDS

collective pitch control, fatigue load reduction, foundation design, offshore wind turbines, state
estimation

1

INTRODUCTION

With the commissioning of the first 8-MW wind turbine,1 the European offshore wind industry continues its advance towards larger wind
turbines. Most offshore wind farms are located in water depth less than 40 m, and monopiles are the preferred foundation type with a
market share close to 90%.1 Upscaling of the turbines poses a continuous challenge to the cost-efficiency of monopile foundations.2 Monopile
dimensions are mainly governed by fatigue considerations. With the introduction of even larger offshore wind turbines (OWTs), the first-order
wave loads become dominating in terms of fatigue utilization.3 Besides increased wave loads due to larger dimensions, the modal frequencies of
the OWTs are shifted closer to typical wave frequencies, thereby increasing the dynamic amplification of the wave-induced response.3,4
The wind turbine's control system affects the dynamic response of the OWT. Several control strategies that aim to reduce fatigue loads in the
support structure have been proposed.4-8 The conventional approach is collective pitch control to increase the aerodynamic damping of the first
fore-aft vibration mode.5,6 Supplementary damping is effective for reducing the response induced by wave loads with frequency close to the first
fore-aft modal frequency. This is usually the case for wind-generated waves in low and moderate wind conditions. For wind-generated waves in
high wind conditions and most occurrences of swell dominated sea, the wave frequencies are comparatively far below the fore-aft frequency.
Consequently, the wave response is dominated by the quasi-static response which is governed by the global stiffness. In order to effectively

Wind Energy. 2018;1–20.

wileyonlinelibrary.com/journal/we

© 2018 John Wiley & Sons, Ltd.

1

2

SMILDEN ET AL.

reduce the wave-induced fatigue loads in all environmental conditions, the wind turbine's control system should contribute with both damping
and stiffness.
In the full load region, proportional-integral collective pitch control is usually employed to maintain constant rotor speed.9,10 With conventional
active tower damping, the additional pitch demand is computed in an auxiliary control loop which is assumed independent of the basic controller.
Coupling with the tower feedback loop may impair the stability margins of the rotor speed controller. Moreover, due to the counteracting
control effort to maintain constant rotor speed, the effectiveness of the tower feedback controller is reduced.4,7,11,12 The prevailing strategy to
prevent coupling between the two conflicting control loops is to constrain the bandwidth of the rotor speed controller.4,7,11,12 Consequently,
the rotor speed becomes more susceptible to disturbances, which increases the risk of shutdowns due to overspeed events.13,14 For OWTs,
conventional active tower damping implies that the bandwidth of the rotor speed controller should be restricted to a frequency range below the
wave frequencies. Exposed wind farm locations may experience severe sea states with wave frequencies in the range 0.05 to 0.1 Hz.15 Placing
the controller bandwidth below this frequency range yields unsatisfactory performance with respect to rejection of rotor speed disturbances.
The trade-offs between different control objectives make the OWT control problem well suited for model-based multivariable control
methods, such as linear quadratic control or model predictive control. There are several examples of the use of such control methods for
wind turbines, albeit mainly for onshore wind turbines16-18 and floating OWTs.19-21 These control methods are attractive as they can handle
constraints and deal with conflicting control objectives. They do, however, rely on mathematical models and sometimes also input from additional
sensors, to compute the control actions. Consequently, the basic operation of the wind turbine becomes increasingly vulnerable to sensor faults
and inaccurate modelling. Furthermore, incorporating control functions that depend on the turbine-specific dynamic properties, such as tower
feedback control, may require selecting a unique set of control parameters for each new turbine. Also, supervisory control tasks, such as gain
scheduling or switching between different modes of operation, become less straightforward with multivariable control techniques. For these
reasons, multiloop strategies are often preferred over multivariable techniques for wind turbine control applications.7
The main scientific contribution of the present work is a control scheme that reduces the wave-induced fatigue loads in monopile OWT
support structures. The proposed control scheme extends conventional active tower damping to contribute with both damping and stiffness. The
control scheme is model-based in the sense that it includes a state estimator and a reference model. However, since tower feedback control is
implemented via an auxiliary control loop, the basic operation of the OWT does not depend on the availability of the model-based subsystem.
Furthermore, the stability issues emerging from coupling with the rotor speed controller are relieved by the stiffness term in the tower feedback
loop. In effect, the need to constrain the bandwidth of the rotor speed controller to accommodate tower feedback control is relaxed. In order to
analyse the lifetime effects of the proposed control scheme, a fatigue limit state (FLS) analysis is performed with the aero-hydro-servo-elastic
simulation tool SIMA by SINTEF Ocean. The design case is a 10-MW wind turbine located in 30 m water depth at the Dogger Bank in the North Sea.
The paper is organized as follows: In Sections 2 to 4, the control scheme is presented. In Section 5, the simulation set-up used for assessing the
lifetime effects of the proposed control scheme is established. In Section 6, the state estimator and the reference model are verified. In Section
7, the closed loop properties of the proposed control scheme are analysed. In Section 8, the lifetime effects of the proposed control scheme are
evaluated. Finally, the paper is concluded in Section 9.

2

OUTLINE OF CONTROL SCHEME

The proposed control scheme is outlined in Figure 1. The control scheme consists of two subsystems: the nominal controlled system and the
tower feedback loop. The nominal system comprises the OWT, which is represented by the high-fidelity OWT model in SIMA, and the basic
controller, which is based on the DTU Wind Energy controller.9 The tower feedback loop comprises a state estimator, a reference model, and a
feedback controller.

FIGURE 1 Outline of the proposed control scheme. The nominal controlled system comprises the offshore wind turbine (OWT) with its basic
control functions. The proposed auxiliary tower feedback loop comprises a state estimator, a reference model, and a tower feedback controller
[Colour figure can be viewed at wileyonlinelibrary.com]
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The wind turbine's basic control system operates in one of two modes with operational regions separated by the rated wind speed. In the
partial load region, the control objective is to maximize power production, and the wind turbine is operated with variable speed aiming to track
the optimal tip-speed ratio. In the full load region, the control objective is to confine the rotational speed and power production to their rated
values, and variable pitch is applied to control the aerodynamic torque. A third mode in which the control system operates with both variable
speed and variable pitch is often added in a wind speed range around the rated wind speed. This is usually referred to as peak shaving, and the
goal is to limit the aerodynamic thrust that peaks at the rated wind speed.9 The basic wind turbine control functions are implemented without
significant modifications. No peak shaving is performed with the default settings.
Tower feedback control is implemented via an auxiliary control loop, which receives measurements directly from the OWT. The main control
objective of the proposed tower feedback loop is to reduce the wave-induced fatigue loads in the support structure. Proportional-derivative
collective pitch control is employed to provide the support structure with additional damping and stiffness in the fore-aft direction. Proportional
action on the tower displacement with a zero reference input would introduce a steady-state rotor speed error. Therefore, a reference model is
employed to produce a nonzero reference trajectory representing the wind-induced tower displacement. In effect, the tower feedback loop only
provides stiffness against wave-induced tower displacements in a frequency range above the frequencies of significant turbulent wind variations.
Typically, information about the tower displacements is not available with standard wind turbine measurements. In addition, the reference model
requires information about the rotor wide effective wind speed, which cannot be measured directly. A state estimator is therefore needed in the
tower feedback loop. A discrete-time extended Kalman filter is formulated to calculate the required state estimates.
The state estimator and the reference model are based on a low-fidelity OWT model. The key components of the low-fidelity model are the
effective wind speed model proposed by Knudsen et al,22 the single-state dynamic inflow model proposed by Henriksen et al,23 and a wave
disturbance model, which is established in the present work.

3

LOW-FIDELITY OWT MODEL

The low-fidelity OWT model applied in the tower feedback loop is established in the following. The model comprises mathematical descriptions
of the support structure, drive-train, aerodynamic loads, hydrodynamic loads, and environmental conditions.

3.1

Support structure model

Modal analysis is employed to describe the fore-aft response of the support structure. The fore-aft response of monopile OWTs is dominated
by the first vibration mode,24 and higher-order modes are omitted from the model. Aerodynamic thrust and wave loads are assumed to be the
only external loads acting on the support structure, as shown in Figure 2. By introducing the generalized coordinate x = q(z)̄x, the second-order
differential equation describing the response of the support structure is given by
𝜁

̄ x = q(h)FA +
̄ + q2 (h)M)x̄̈ + c̄ x̄̇ + k̄
(m
q(z)FH (z) cos(𝜓) dz,
⏟⏟⏟ ∫−d
⏟⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏟⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏟
F̄
A

(1)

F̄ H

where x̄ , x̄̇ , x̄̈ are the generalized fore-aft displacement, velocity, and acceleration, respectively, and M is the mass of the rotor-nacelle assembly.
̄ , generalized stiffness k̄ , and the generalized damping c̄ are extracted from the high-fidelity model
The mode shape q(z), generalized mass m
based on eigenvalue analysis and decay tests, respectively. The generalized hydrodynamic force F̄ H is given by the fore-aft component of the
hydrodynamic load distribution FH (z) cos 𝜓 multiplied with the mode shape and integrated from the seabed (z = −d) to the instantaneous
free surface (z = 𝜁 ). The hydrodynamic load distribution is decomposed according to the wind/wave misalignment angle 𝜓 . The generalized
aerodynamic thrust F̄ A is given by the aerodynamic thrust FA multiplied with the mode shape at the tower top q(h) = 1.
The proposed model assumes that the modal properties of the support structure are known. Whereas the distribution of mass is usually
well known, the stiffness and damping properties are often uncertain. In particular, the site-specific soil properties are associated with large
uncertainties, and they may change throughout the lifetime of the OWT.25-27 Therefore, the true modal characteristics of monopile OWTs
are generally not known until they are installed.28 Although several methods to determine the modal characteristics of installed OWTs can be
found,28-30 the effect of erroneous modal properties needs to be addressed. The effect of modelling errors on state estimation is examined in
Section 6.

3.2

Drive-train model

The drive-train comprises the rotor and generator connected by a low-speed shaft, the generator, and a high-speed shaft. In the present work, the
shaft torsional flexibility is neglected, and the drive-train is modelled as a multibody system with two rigid bodies connected by a stiff member.
The angular velocity 𝜔 at the low-speed end of the shaft is governed by the first-order differential equation given by
𝜔̇ =

1
(QA − NG QG ),
I

I = IR + N2G IG ,

(2)
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FIGURE 2

Definition of offshore wind turbine (OWT) coordinates and excitation forces

where QA is the aerodynamic torque applied at the low-speed end of the shaft and QG is the generator torque applied at the high-speed end of
the shaft.16 Furthermore, the rotor inertia IR and generator inertia IG are combined to form an equivalent inertia I, where NG is the gear ratio.

3.3

Aerodynamic model

Reduced-order models used for wind speed estimation are usually based on the assumption of a quasi-steady wake, meaning that the wake is
assumed at equilibrium. In reality, the wake does not settle at steady-state conditions immediately after a change in the operating conditions.
The timescale of the temporal wake dynamics is on the order of the rotor radius divided by the free stream velocity.31 In most environmental
conditions, the pitch control actions act within the same timescale as the temporal wake dynamics. Moreover, if the dynamic wake effect is
not accounted for, the aerodynamic damping is not represented correctly. Several control-oriented models that aim to capture the dynamic
wake effect, often referred to as dynamic inflow models, have been developed.23,32,33 Here, the single-state dynamic inflow model proposed by
Henriksen et al23 is used. This model is a simplification of the dynamic inflow model proposed by Øye,34 which is typically applied in aero-elastic
software codes.35
For a wind turbine with NB blades, the rotor wide aerodynamic thrust FA (·) and torque QA (·) are given by
FA (v, 𝛽, 𝜔, v̄ n ) = NB

∫0

R

QA (v, 𝛽, 𝜔, v̄ n ) = NB

∫0

R

Fn (v, 𝛽, 𝜔, r, vn (r)) dr,

(3)

rFt (v, 𝛽, 𝜔, r, vn (r)) dr,

(4)

where Fn (·) and Ft (·) are the local aerodynamic forces normal and tangential to the rotor plane at radius r, respectively. The local aerodynamic
forces depend on the pitch angle 𝛽 , rotor speed 𝜔, relative wind speed v = v0 − ẋ , where v0 is the mean wind speed and vn (r) is the local induced
velocity normal to the rotor plane. The tangential induced velocities are assumed to be quasi-steady, and the distribution of vn (r) along the blades
is assumed to follow the quasi-steady distribution. This allows for the local induced velocities to be expressed by a single dynamic inflow state v̄ n
following the relationship given by
vn (r) =

aqs
n (𝜆, 𝛽, r)
v̄ n ,
ā qs
n (𝜆, 𝛽)

R

1
aqs (𝜆, 𝛽, r) dr > 0,
R ∫0 n

ā qs
n (𝜆, 𝛽) =

(5)

̄ qs
where aqs
n (𝜆, 𝛽, r) is the local quasi-steady axial induction factor and a
n (𝜆, 𝛽) is the average quasi-steady axial induction factor. The dynamic inflow

state is governed by the following non-linear first-order differential equation:
v̄̇ n =

( qs
)
1
ā (𝜆, 𝛽)v − v̄ n ,
𝜏(v, v̄ n ) n

𝜏(v, v̄ n ) =

1 1.1R
.
2 v − 1.3̄vn

(6)

The timescale variable 𝜏(v, v̄ n ) is based on the model suggested by Øye34 and modified in accordance with Henriksen et al.23 Blade element
momentum (BEM) theory is employed to compute the quasi-steady induction factors following the procedure described by Hansen.35 In the
BEM calculations, the blades are assumed to be rigid, and the rotor cone and tilt angles are neglected.
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3.4

Hydrodynamic load model

Hydrodynamic loads on large diameter monopile foundations, such as the present design case, are dominated by inertia loads.36 Moreover, the
monopile diameter is sufficiently large compared with typical wave lengths, so diffraction effects should be accounted for. The hydrodynamic
load model is based on the diffraction theory of MacCamy and Fuchs37 for calculation of first-order wave loads on a vertical cylinder. With the
surface elevation given by 𝜁 = 𝜂 sin(−𝜔t), the hydrodynamic load per unit length is given by
FH (z, 𝜔w ) =

4𝜌w g𝜂 cosh(k(𝜔w )(d + z))
A(𝜔w ) cos(𝜔w t − 𝜙(𝜔w )),
k(𝜔w )
cosh(k(𝜔w )d)

(7)

where 𝜂 is the wave amplitude, 𝜌w is the density of seawater, g is the gravity constant, and d is the water depth. The wave number k(𝜔w ) is a
non-linear function of the wave frequency 𝜔w given by the dispersion relation in finite water depth.36 The function A(𝜔w ) and phase 𝜙(𝜔w ) follow
from the diffraction theory of MacCamy and Fuchs.
The generalized hydrodynamic force F̄ H is computed by integration of the hydrodynamic load FH (z, 𝜔w ) multiplied with the mode shape. The
result is a non-linear function with respect to the wave frequency. If the phase shift is neglected, the non-linear integral can be approximated by a
linear transfer function from wave elevation to generalized hydrodynamic force. The resulting hydrodynamic load model is given by the following
third-order transfer function:
𝜁
F̄ H
FH
1 + Th1 s
(s) =
(z, s)q(z) dz ≈ Kh
,
∫−d 𝜁
𝜁
(s2 + 2𝜆h 𝜔h s + 𝜔2 )(1 + Th2 s)

(8)

h

where s = j𝜔w . The parameters Kh Th1 , Th2 , 𝜆h , and 𝜔h are determined by use of non-linear least-square curve fitting. For the purpose of state
estimation, it is necessary to transform the hydrodynamic load model to time domain. A transfer function on the form of 8 has a realization that
is both controllable and observable when transferred into state space.38
The wind/wave misalignment 𝜓 is not taken into account with the proposed hydrodynamic load model. Furthermore, the accuracy of the
model is affected by erroneous modal properties through the mode shape q(z). The effect of erroneous model parameters in the hydrodynamic
load model is examined in Section 6.

3.5

Wind model

The wind model is based on an rotor wide effective wind speed (EWS) formulation. Here, the EWS model proposed by Knudsen et al22 is
employed. In addition, a first-order filter representing the admittance function from the three-dimensional wind field to the aerodynamic torque
is included in the model. The wind model comprises two main components that vary on different timescales: the mean wind speed v0 and the
turbulence component vt . The mean wind speed is modelled as a random walk process
v̇ 0 = w1 ,

(9)

where w1 is a zero-mean white noise process.22 Further, the turbulence component is governed by the following cascade of first-order differential
equations:

√
1
v̇ k = −
vk + b(v0 )w2 ,
𝜏k (v0 )
v̇ t =

2L
𝜏k (v0 ) =
,
𝜋v0

1
(vk − vt ),
𝜏t (v0 )

𝜏t (v0 ) =

b(v0 ) =
R
,
𝜔c v0

𝜋v03 I2t
L

,

(10)

(11)

where w2 is a zero-mean white noise process. The first filter, derived by Knudsen et al22 based on the Kaimal spectrum, describes the behaviour
of turbulent wind variations in a single point. The turbulence intensity It and turbulence length scale L are parameters of the Kaimal spectrum.
The second filter is the aerodynamic admittance filter, which is based on the turbulence models proposed by Sørensen et al.39 Here, a first-order
filter is used instead of a second-order filter, and the admittance filter's cut-off frequency is taken as 𝜔c = 0.63 rad/s. Since the admittance
function depends on the type of load, the EWS may differ for the aerodynamic thrust and the aerodynamic torque. In the present work, the EWS
is assumed independent of the type of load.

3.6

Wave model

Typically, the Pierson-Moskowitz (PM) spectrum, or the JONSWAP spectrum, is used to describe wind-generated waves. The PM spectrum is
appropriate for fully developed sea states, and the JONSWAP spectrum extends the PM spectrum to account for fetch-limited (developing) sea
states.40 The wave model is based on the approximate wave spectra proposed by Fossen.41 Accordingly, the wave elevation 𝜁 is governed by the
second-order transfer function given by
2𝜆𝜁 𝜔p 𝜎𝜁
𝜁
(s) =
,
2
w3
(s + 2𝜆𝜁 𝜔p s + 𝜔2p )

(12)
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where w3 is a zero-mean white noise process and 𝜔p is the wave peak frequency. The damping ratio 𝜆𝜁 and wave intensity parameter 𝜎 𝜁
are spectrum-specific parameters. Here, parameters corresponding to the JONSWAP spectrum are applied. As suggested by Fossen,41 the
damping ratio is taken as 𝜆𝜁 = 0.1, and the wave intensity parameter is taken as the square root of maximum value for the wave spectrum
𝜎𝜁2 = max0<𝜔<∞ S(𝜔) = S(𝜔p ). The definition of the JONSWAP spectrum given in the standard DNV-RP-C20540 is applied.

The wave model is based on a wave spectrum, which may not always be representative of the actual sea state. Moreover, the second-order
transfer function yields only an approximation of the true spectrum. Section 6 addresses the effect of erroneous sea state descriptions on state
estimation.

4

METHODOLOGY

The components of the tower feedback loop comprising the state estimation algorithm, the reference model, and the tower feedback controller
are established in the following.

4.1

State estimation

The low-fidelity model is non-linear in the description of the aerodynamic loads and the turbulent wind fluctuations. Consequently, a state
estimation algorithm suitable for non-linear systems must be applied. One such algorithm is the discrete-time extended Kalman filter (EKF).42
The discrete-time EKF can be applied to a continuous-time process and measurement relationship on the form
ẋ = f (x, u) + Ew,

(13)

y = h(x) + v,

(14)

where f(x, u) and h(x) are known functions of the state vector x and the input u, y is the measurement output vector, w and v are zero-mean
white noise process vectors, and E is the process noise matrix. Here, the process function f(x, u) is given by the low-fidelity model with state and
input vectors

[
]T
T
x = 𝜔 x ẋ v0 vk vt vn 𝜻 T F̄ H 𝝎T ẋ T3P ,
3P

]T
[
u = QG 𝛽 ,

(15)

where 𝜻 ∈ R2 and F̄ H ∈ R3 are the state vectors emerging from the state space realization of the wave model and hydrodynamic load model,
respectively. Harmonic disturbances with energy content at the blade passing frequency (3P) appear in the measurements. In order to filter out
these disturbances, two damped harmonic oscillators with state vectors 𝝎3P ∈ R2 and ẋ 3P ∈ R2 are included in the process function. The damped
harmonic oscillators are driven by zero-mean white noise, and the natural frequency and damping ratio are taken as the 3P frequency and 10%
of critical, respectively.
Under the assumption that available measurements are the rotor speed, tower top velocity, and mean wind speed, the linear measurement
map is given by

[
]T
y = Hx = 𝜔 + 𝜔3P,1 ẋ + ẋ 3P,1 v0 ,

(16)

where H ∈ R3×16 is the measurement matrix. Usually, the tower top velocity is estimated by integration of the tower top acceleration
signal.6 For simplicity, it is assumed that direct information about the tower top velocity is available, for example, from an inertial measurement unit. Furthermore, the low-pass filtered nacelle wind speed signal from the basic controller is taken as the mean wind speed
measurement.
Some aspects regarding the state estimation algorithm are discussed in the following. The process and measurement equations are formulated in
continuous-time. In the state estimation algorithm, forward Euler integration is employed to compute the discrete-time process and measurement
quantities.41 Similar to Knudsen et al,22 the process noise matrix E ∈ R16×16 is taken as a function of the mean wind speed. Therefore, in each
time step, the process noise matrix is updated based on the low-pass filtered nacelle wind speed signal from the basic controller. Furthermore,
the wave model requires information about the wave peak frequency and the significant wave height. These parameters, which are not included
as states in the process function, are assumed to be available from, for example, a nearby wave buoy. Access to accurate real-time measurements
of the sea state is a crude assumption that may not always be fulfilled. The effect of erroneous sea state parameters on the accuracy of the state
estimation is addressed in Section 6. State estimates are denoted by a hat ( ̂ ).

4.2

Reference model

The objective of the reference model is to provide the tower feedback controller with a nacelle displacement reference trajectory xref , which
represents the wind-induced nacelle displacement. The parameters governing the aerodynamic loads are available from the state estimator and
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the wind turbine's basic control system. Thus, only the low-fidelity support structure model and the aerodynamic thrust model are part of the
reference model. The reference trajectory is governed by the following differential equation:
̄ ref = F̄ A (̂v, 𝛽ref , 𝜔,
̄ xref + Cẋ ref + kx
m̈
̂ v̂̄ n ),

(17)

which requires information about the estimated equivalent free wind speed v̂ = v̂ 0 + v̂ t , estimated dynamic inflow state v̂̄ n , estimated rotor speed
𝜔̂ , and a reference collective pitch angle 𝛽 ref .

There are some differences between the reference model and the low-fidelity model. First of all, the reference model has no feedback from
the nacelle fore-aft velocity to the aerodynamic thrust. Thus, the effect of aerodynamic damping is not directly accounted for. Instead, the modal
damping C is taken as a free parameter such that the damping can be adjusted to filter out disturbances in the reference trajectory. A damping
coefficient corresponding to 50% of critical damping was found to give satisfactory results.
Furthermore, the demanded pitch action from the basic controller is taken as the reference pitch angle. The tower–feedback–induced tower
displacement is thereby removed from the reference trajectory. Still, any wave-induced perturbations of the rotor speed controller will appear
in the reference pitch angle. Wave-induced perturbations are also present in the rotor speed and the dynamic inflow state, which are obtained
directly from the state estimator without any filtering. In order to filter out wave disturbances in the reference trajectory, a second-order low-pass
filter is included in the reference model. The cut-out frequency and damping ratio of the filter are taken as 0.1 Hz and 1.0, respectively.

4.3

Tower feedback control law

The proposed tower feedback controller is an extension of the conventional tower damping controller proposed by Van der Hooft et al5 and
Bossanyi.6 In addition to the usual damping term, the feedback controller contains a proportional term. The control objective of the proportional
term is to track the reference trajectory provided by the reference model. The proposed control law is given by
𝛽TFC = −

1
FA𝛽 (̂v, 𝛽, 𝜔,
̂ v̂̄ n )

(

)
KPx (̂x − xref ) + KDx x̂̇ ,

𝜕FA ||
FA𝛽 (̂v, 𝛽, 𝜔,
̂ v̂̄ n ) =
< 0,
𝜕𝛽 ||(̂v,𝛽,𝜔,̂ v̂̄ n )

(18)

where KPx ≥ 0 is the proportional gain and KDx ≥ 0 is the derivative gain. The control input is scaled by the partial derivative from pitch angle to
aerodynamic thrust FA (·) < 0. Here, the controller gains are scheduled by the partial derivative of the reduced-order aerodynamic model with
input from the state estimator. Alternatively, the sensitivity of the aerodynamic thrust to pitch variations may be accounted for by scheduling of
the controller gains based on the pitch angle.4

5

SIMULATION SET-UP

The simulation set-up used for assessing the lifetime effects of the proposed control scheme is presented in the following. A detailed description
of the simulation set-up is given by Smilden et al,43 and some aspects are repeated here. First, the high-fidelity OWT model is described.
Next, the environmental design basis is established. Then the design load cases are selected following the recommendations of the standard
DNV-ST-0437.44 Finally, the controller performance evaluation parameters are presented.

5.1

High-fidelity simulation model

The high-fidelity OWT model is implemented in the aero-hydro-servo-elastic simulation tool SIMA by SINTEF Ocean. The OWT model is based
on the DTU Wind Energy 10-MW reference turbine,45 placed on a monopile foundation in 30 m water depth. The monopile diameter is 8.5 m, and
the monopile penetration depth is 42 m below the seabed. The soil profile is based on soil conditions at the Dogger Bank, which consists of a top
layer of sand with stiff clay beneath. The support structure's first fore-aft and side-side modal frequencies are 0.214 and 0.213 Hz, respectively.
Blade element momentum theory with corrections for tip loss, hub loss, dynamic inflow, dynamic wake, skewed inflow, and tower shadow is
applied to model the aerodynamic loads.46 The hydrodynamic loads are modelled using Morison's equation and Airy linear wave theory with the
wave kinematics intergrated to the instantaneous free surface. The inertia coefficient and quadratic drag coefficient are taken as CM = 2.0 and
CD = 0.9, respectively.47 Furthermore, the soil-structure interaction is accounted for by non-linear springs with stiffness coefficients calculated
based on pressure-displacement curves. The structural damping, including soil-structure damping, is accounted for by stiffness-proportional
Rayleigh damping.
Near resonance, the system damping governs the response amplitudes and the resulting fatigue loads in the support structure. It is assumed
that the total damping ratio is 2.2%, where 0.5% is attributed to material and hydrodynamic damping and 0.6% is attributed to soil-structure
interaction. The remaining 1.1% is provided by two tuned mass dampers (TMDs) located in the top of the tower beneath the nacelle. A
configuration with independent perpendicular dampers is used. The mass of each TMD is 20 tonnes, and the natural frequency of the dampers is
tuned to the first fore-aft natural frequency.
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5.2

Environmental load cases (ELCs)

A wind farm site at the Dogger Bank in the North Sea is taken as the design location and metocean data are sourced from a hindcast performed
by the Norwegian Meteorological Institute.48 The hindcast contains information about sea state parameters and mean wind speed including
directionalities. Turbulence intensity and wind shear are accounted for in accordance with the standard IEC-61400-1.49
In order to reduce the computational effort, the environmental conditions are lumped into fatigue equivalent environmental load cases (ELCs).
Following the procedure described in Smilden et al,43 the metocean data are distributed into a three-dimensional collection of bins based on mean
wind speed at hub height, significant wave height, and wind/wave misalignment. After removing the environmental conditions with probability
less than 1 × 10−4 , the total number of bins becomes 138. The fatigue equivalent ELCs are established based on the long-term distributions
of fatigue damage considering wind and wave loads separately. The fatigue equivalent sea states are established without taking into account
the effect of aerodynamic damping. The result is a conservative set of ELCs, which are moderately shifted towards higher sea states with wave
periods closer to the natural periods of the support structure.
For each ELC, the total simulation time is 3600 seconds after removing the start-up transients. The wave time series are generated based
on JONSWAP spectra with the peak enhancement factor recommended by the standard DNV-RP-C205.40 Furthermore, the three-dimensional
wind fields are generated based on Kaimal's spectrum and exponential coherence function with the turbulence simulator TurbSim by NREL.50

5.3

Design load cases (DLCs)

The design load cases (DLCs) considered for the lifetime evaluation of controller performance are presented in Table 1. Only the DLCs
that significantly contribute to the support structure's lifetime accumulated fatigue damage are considered. In adherence with the standard
DNV-ST-043744 the OWT is assumed to be available 90% of the lifetime. The fatigue life of monopile OWTs may be significantly reduced by
unavailability conditions.2,43 In idling situations, the aerodynamic damping is negligible. Consequently, the damping of the wave-induced fore-aft
motion is reduced. In an offshore wind farm, the majority of the turbines will experience higher availability than 90%.51 With respect to fatigue
life, 90% availability is therefore a conservative estimate if the fatigue damage is dominated by wave loads. This is also the case with respect to
the lifetime effects of tower feedback control, which is only effective when the turbine is operational.

5.4

Controller performance comparison parameters

The performance of the tower feedback controller is evaluated based on several representative parameters related to various wind turbine
components. Table 2 presents the performance comparison parameters together with the calculation method and S-N slope exponent applied
for fatigue calculations. Following Mirzaei et al,52 the integrated absolute shaft speed error is added to the list of performance comparison
parameters. The shaft speed error is only computed in the full load region when the rotor speed controller is active.

Design load cases (DLCs) recommended by the standard DNV-ST-043744

TABLE 1

TABLE 2

Design situation

Description

1.2

Power production

Normal operation without faults

6.4

Parked

Idling below the cut-in wind speed or above the cut-out wind speed.

7.2

Parked with fault

Idling with fault

Performance comparison parameters and their desired trend classified according to system componentsa

Component

Performance parameter

Description

Desired trend

Calculation method

S-N exponent

Support structure

D20
Max
D20
FA
D20
SS
DEL20
Edge

Maximum fatigue damage

↓

Rainflow counting

3 (5)

Fore-aft fatigue damage

↓

Rainflow counting

3 (5)

Side-side fatigue damage

↓

Rainflow counting

3 (5)

Edgewise fatigue loads

↓

Rainflow counting

10

DEL20
Flap

Flapwise fatigue loads

↓

Rainflow counting

10

DEL20
𝛽
ADC20
𝛽
DEL20
Gear
DEL20
Shaft

Bearing fatigue loads

↓

LDD

3

Actuator duty cycle

↓

Integration

…

Gear tooth fatigue loads

↓

LDD

6.255

Main shaft fatigue loads

↓

Rainflow counting

3

20
POut
IAE20
𝜔

Power output

↑

Integration

…

Integrated absolute speed error

↓

Integration

…

Blade root

Pitch actuators

Drive-train

Generator

a

DLC

A downward pointing arrow indicates that a reduction of the performance parameter is desirable, and vice versa.43
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The fatigue damage in the support structure and the fatigue loads in the blade roots and main shaft are computed by rainflow counting of
stress cycle amplitudes and Palmgren-Miner summation of fatigue damage. In addition to comparison with the baseline case, it is desirable to
estimate the actual fatigue utilization of the support structure. Moreover, following the recommendation of the standard DNV-RP-C203,53 a
bilinear S-N curve is used for the support structure's fatigue calculations. Fatigue damage (D) is therefore used as performance measure instead
1

of damage equivalent load (DEL). The relationship between changes in these performance measures is given by ΔD = ΔDEL p , where p is the S-N
slope exponent.
The load duration distribution method (LDD) is applied to compute the fatigue loads in the gearbox gearing and the pitch actuator bearing.
The fatigue damage in bearing and gearing is governed by the input load level and the number of revolutions for the component. Therefore, the
computation of stress ranges and counting of stress cycle amplitudes is different from other components such as the support structure.54,55

6

VERIFICATION

The state estimator and the reference model are verified by comparison with the high-fidelity OWT model in the following. First, state estimation
with different model fidelities is considered. Then, the effect of erroneous model parameters on the accuracy of the state estimator and the
reference model is assessed.

6.1

State estimation with different model fidelities

The state estimator includes a wave disturbance model which is not standard. In order to assess the importance of the wave disturbance model,
state estimation with different model fidelities is considered in the present analysis. The analysis considers three sets of degrees of freedom: the
complete low-fidelity model, the low-fidelity model without the wave disturbance model, and the drive-train model only. Figure 3 presents the
state estimates obtained with the different sets of degrees of freedom.
With the complete model, the estimated displacement closely matches the true displacement, except for a slowly-varying error. This error is
caused by the unmodelled tilt moment inflicted on the support structure by the rotor-nacelle assembly and the asymmetric aerodynamic loading
of the rotor. In severe environmental conditions, the displacement estimates are not significantly affected by excluding the wave disturbance
model. The penalty is fluctuations in the wind speed estimate emerging from the effort to replicate the wave-induced motion by wind speed
variations. In low environmental conditions, the accuracy of the displacement estimate is significantly reduced by excluding the wave disturbance
model. The time constants of the turbulence model are reduced as a function of the mean wind speed, making the state estimator unable to
replicate the wave-induced motion. The effect of excluding the wave disturbance model depends on the tuning parameters of the state estimation
algorithm. With a different set of tuning parameters, it is possible to achieve a better wind speed estimate at the expense of an inaccurate
displacement estimate, and vice versa. This trade-off is practically removed with the wave disturbance model.
State estimation with the drive-train model yields similar wind speed estimates as state estimation with the complete low-fidelity model. This
highlights an important limitation to the proposed state estimator. The state estimation algorithm distinguishes the wind- and wave-induced

FIGURE 3 State estimates for two selected environmental conditions. The estimated nacelle fore-aft displacement x̂ is presented together with
the true displacement x in the left column, and the effective wind speed v̂ is presented in the right column. Three sets of degrees of freedom are
considered: the complete low-fidelity model (full model), the low-fidelity model without the wave disturbance model (w/o WDM), and the
drive-train model only (DT only) [Colour figure can be viewed at wileyonlinelibrary.com]
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motions by relying on the drive-train equation to provide an accurate estimate of the wind speed. The large rotor inertia makes the shaft speed
insensitive to wind speed variations, which affects the accuracy of the wind speed estimate. In order to achieve a more accurate separation of
the wind- and wave-induced motions, additional sensors such as blade root strain gauges are needed.

6.2

Effect of erroneous model parameters

The tower feedback loop relies on simplified mathematical descriptions of the system dynamics. In order to assess the effect of modelling
errors, two cases of erroneous model parameters are considered in the present analysis. Both cases consider uncertainty in the OWT response
characteristics due to uncertain soil conditions. The modal properties of the high-fidelity model are modified by scaling the soil stiffness with
a factor 𝜂 Soil . Since the soil-structure damping is accounted for by stiffness-proportional Rayleigh damping, the modal damping properties are
also modified by changing the soil stiffness. Further, uncertainty in the wave disturbance model is considered by inserting erroneous sea state
parameters into the state estimator. The two cases are described in Table 3. Note that the parameters of the state estimator and the reference
model are the same for the two cases.
Figure 4 presents the state estimates and the reference trajectory in the case considering overestimated soil stiffness. The accuracy of the state
estimates are not significantly affected by the erroneous model parameters. However, as a result of the reduced global stiffness, the steady-state
tower displacement error caused by the RNA tilt moment is increased. This error appears also in the reference trajectory, which highlights an
important aspect of the proposed control scheme. A steady-state error between the tower displacement estimate and the reference trajectory
would cause a constant pitch demand and static coupling with the rotor speed control loop. This issue is avoided by applying the same models in
the state estimator and the reference model.
The state estimates and the reference trajectory for the case considering underestimated soil stiffness are presented in Figure 5. The results
substantiate the conclusions of the previous case. Noticeably, since the same model parameters are applied in the two cases, the reference
trajectories are approximately identical.

TABLE 3 Two cases of erroneous model parameters used to assess the effect of modelling errors
on the accuracy of the state estimates and the reference trajectorya

Case description

Soil stiffness factor

Modal properties
f1 , Hz 𝜁 1 , %

Wave model parameters
Tp , s Hs , m

Overestimated soil stiffness

𝜂 Soil = 0.5

0.20

2.1

7.0

2.5

Underestimated soil stiffness

𝜂 Soil = 1.5

0.22

2.4

7.0

2.5

a The erroneous soil properties (and resulting modal properties) are applied in the high-fidelity model,
and the erroneous environmental parameters are applied in the state estimator. The true environmental
parameters are given in the captions of Figures 4 and 5.

FIGURE 4 State estimates and reference trajectories for the case considering overestimated soil stiffness. The true tower displacement x,
estimated tower displacement x̂ , and reference trajectory xref are given in the left column, and the effective wind speed v̂ is given in the right
column. For comparison, the effective wind speed for the baseline case (𝜂 Soil = 1.0) with correct model parameters is also presented [Colour
figure can be viewed at wileyonlinelibrary.com]
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FIGURE 5 State estimates and reference trajectories for the case considering underestimated soil stiffness. The true tower displacement x,
estimated tower displacement x̂ , and reference trajectory xref are given in the left column, and the effective wind speed v̂ is given in the right
column. For comparison, the effective wind speed for the baseline case (𝜂 Soil = 1.0) with correct model parameters is also presented [Colour
figure can be viewed at wileyonlinelibrary.com]

The sea state parameters applied in the state estimator deviate significantly from the true sea state parameters. Consequently, the reduced-order
wave model yields a crude approximation of the wave spectrum applied in the high-fidelity model. It is clear that accurate information about the sea
state is not required. Still, some scheduling of the model parameters based on the peak period and the significant wave height may be beneficial.

7

REDUCED-ORDER LINEAR ANALYSIS

The closed loop properties of the proposed control scheme are analysed in the following. First, the robustness of the rotor speed controller is
analysed. Then, the closed loop performance in terms of disturbance rejection capabilities and control effort is assessed. Finally, the support
structure's closed loop modal properties are analysed.
The analysis is based on the linearized low-fidelity model. Since the stochastic wind and wave models do not directly affect the closed
loop properties of the system, they are omitted from the analysis. Several publications have addressed the question of which degrees of
freedom are needed to accurately predict the response of wind turbines to control actions and disturbances.24,56,57 The present analysis is
concerned with the response characteristics in the wave frequency range. In this frequency range, the rigid drive-train mode and the first
fore-aft tower mode are of primary importance.24 As concluded by Tibaldi et al,57 the low-pass filter on the shaft speed measurement should
also be included in the analysis. In addition, dynamic inflow is accounted for, although with a reduced-order model. The applied model fidelity
is appropriate for analysing the closed loop properties of the proposed control scheme. However, including also degrees of freedom, such as
blade flexibilities, drive-train torsion, the first side-side tower mode, and a higher-order dynamic inflow model, may improve the accuracy of
the results.24,56,57 The estimates presented here, particularly the robustness estimates, should therefore be interpreted as indicative of the
true values.
Some characteristic functions need to be established for the present analysis. The open loop dynamics of the system is given by
L(s) = G(s)C(s),

(19)

where the transfer function G(s) describes the frequency response of the process and the transfer function C(s) describes the frequency response
of the controller. Further, the sensitivity function S(s) and the complementary sensitivity function T(s) are defined as functions of the open loop
dynamics:
S(s) =

1
,
1 + L(s)

T(s) =

L(s)
.
1 + L(s)

(20)

Several properties of closed loop systems may be identified based on the sensitivity function and the complementary sensitivity function.58 The
present work is mainly concerned with properties related to robustness and disturbance rejection.
The analyses consider two sets of control parameters in the tower feedback controller. The two cases are presented in Table 4. In TFC 1,
tower feedback control with damping only is considered. In TFC 2, tower feedback control with damping and stiffness is considered. Operation
without tower feedback control is referred to as the baseline case.
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TABLE 4

Case

The two sets of control parameters considered in the analysesa
Description
K 𝝎I ,

TFC 1
TFC 2

Damping only
Damping and stiffness

RSC parameters
K 𝝎P , rads
fco , Hz
rad

rad
rad

0.15
0.15

0.7
0.7

K xP ,

TFC parameters
N
K xD , Ns
m
m

0.2

…

0.2

0.5 ×

106

Modal properties
fx , Hz 𝜁 x , %

0.4 × 106

0.21

0.25

0.3 × 106

0.25

0.20

a The rotor speed controller (RSC) is specified by the integral gain K 𝜔 , the proportional gain K 𝜔 , and the cut-off
I
P
frequency of the low-pass filter on the shaft speed measurement fco . The tower feedback controller (TFC) is
x
x
specified by the derivative gain KD and the proportional gain KP . The approximate closed loop modal damping
ratio 𝜁 x and fore-aft frequency fx are also presented.

7.1

Robustness of the rotor speed control loop

The aim of the present analysis is to analyse the influence of the tower feedback loop on the robustness of the rotor speed control loop.
Robustness is a measure of the insensitivity of the closed loop system to variations in the system parameters.58 Robustness is important to
consider because the control system is designed based on linearized models which approximate the behaviour of the non-linear system around
an operating point. The non-linearities are compensated by scheduling of the controller gains based on the collective pitch angle. Gain scheduling
based on a single variable yields a crude approximation of the true operation point which often deviates from the steady-state trajectory used to
design the controller.52
Similar to Mirzaei et al,52 the sensitivity function and complementary sensitivity function is applied to assess the robustness of the rotor speed
controller. The analysis is based on the linearized low-fidelity model with the tower feedback loop closed, meaning that it is included as part of
the system dynamics G(s). The transfer function C(s) describes the response of the rotor speed controller including the second-order low-pass
filter on the shaft speed measurement.9
The robustness of closed loop systems is often characterized by means of Nyquist's stability criterion, which is based on a graphic representation
of the open loop transfer function in a so-called Nyquist plot. Nyquist's stability criterion requires the Nyquist curve of a open loop stable system
to be to the right of the critical point −1 in the Nyquist plot. The closeness of the Nyquist curve to the critical point yields the margin of stability
for the system. In order to ensure stability in all operational conditions, sufficient stability margin is required. A measure of the stability margin
is the shortest distance dmin from the Nyquist curve to the critical point, which is given by the reciprocal of the maximum of the sensitivity
function
dmin =

1
,
MS

MS = max |S(s)|.
s

(21)

Small MS indicates sufficient stability margin, and a reasonable value is in the range 1.25 to 2.0.58
A different measure of robustness, also emerging from Nyquist's stability criterion, is the condition for stability under variations in the system
dynamics. This condition ensures that the Nyquist curve does not reach the critical point given a perturbation in the system dynamics from G(s)
to G(s) + 𝛥G(s). Expressed as a function of the maximum of the complementary sensitivity function, the condition for stability is given by
| ΔG(s) |
1
|
|
| G(s) | < M ,
|
|
T

MT = max |T(s)|.
s

(22)

Similar to MS , it is desirable with small values for MT , typically in the range 1.0 to 2.0.58
The maximum sensitivities MS and MT are presented in Figure 6 as functions of the tower feedback controller gains. Without tower feedback
control, the maximum sensitivities are approximately within the range 1 to 2. The aerodynamic damping of the rotor speed control mode
increases as a function of wind speed. Consequently, better robustness is achieved at higher wind speeds. The two robustness measures have
similar behaviour. For a given proportional gain, the robustness is negatively affected by increasing the derivative gain. For a given derivative
gain, the robustness is improved by increasing the proportional gain below some threshold value. Above this threshold, the robustness decreases
with increasing proportional gain.
The threshold for which increased active tower stiffness negatively affects the rotor speed controller's robustness depends on multiple
parameters. The natural frequency and damping ratio of the rotor speed control mode are determined by the integral and proportional action
on the shaft speed error, respectively. Active tower damping has a similar effect on the rotor speed control mode as reducing the proportional
action on the shaft speed error. Likewise, the effect of active tower stiffness is similar to reducing the integral action. The natural frequency
of the rotor speed control mode is therefore reduced as a function of the proportional gain in the tower feedback loop. Furthermore, the
low-pass filter in the reference model prevents rotor speed disturbances from appearing in the reference trajectory. The trend reversal in the
robustness estimates occurs when the natural frequency of the rotor speed control mode falls sufficiently below the cut-off frequency of this
low-pass filter.
The controller gains for the two cases in Table 4 are indicated in the plots. For the lower wind speed, the robustness is reduced in both TFC 1
and TFC 2. For the higher wind speed, the robustness is significantly reduced in TFC 1, while only marginally affected in TFC 2. There are some
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FIGURE 6 Maximum values of the sensitivity function MS = maxs |S(s)| and the complementary sensitivity function MT = maxs |T(s)| as a function
of the tower feedback controller gains. Low maximum sensitivities imply high robustness, and vice versa. Wind speeds V = 12 m/s and
V = 20 m/s are considered, and the red stars indicate the controller gains in the two cases presented in Table 4 [Colour figure can be viewed at
wileyonlinelibrary.com]

instances where the maximum sensitivities MS are outside the preferred range between 1.25 and 2.0. However, initial investigations with the
high-fidelity model show no indications of stability issues.
The main conclusion of the present analysis is that whereas the robustness of the rotor speed controller is consistently reduced with active
tower damping, it is, within certain boundaries, improved with active tower stiffness. Active tower stiffness thereby provides leeway with respect
to robustness issues emerging from tower feedback control. Consequently, tower feedback control may be implemented without penalty to the
disturbance rejection capabilities of the rotor speed controller.

7.2

Closed loop performance

The performance of the proposed control scheme in terms of disturbance rejection and control effort is considered in the present analysis.
The sensitivity function S(s) describes the frequency response of the closed loop system to external disturbances. When plotted as a function
of frequency, the magnitude of the sensitivity function can therefore be used to analyse the disturbance rejection capabilities of the closed
loop system. Efficient disturbance rejection is expected at frequencies with magnitudes sufficiently below 0 dB. Correspondingly, amplification
of external disturbances is expected at frequencies with magnitudes above 0 dB. In a similar manner, the magnitude of the control sensitivity
function U(s) can be used to analyse the control effort for the closed loop system.59 Large magnitudes indicate that large amounts of control
effort are required, and vice versa. Thus, when analysed together with the sensitivity function, the control sensitivity function can be employed
to assess the trade-off between disturbance rejection and control effort.
Similar to the robustness analysis, the sensitivity of the rotor speed control loop is analysed with the tower feedback controller included as part
of the system dynamics. Likewise, the rotor speed controller and the low-pass filter on the shaft speed measurement are included as part of the
system dynamics when the sensitivity of the tower feedback loop is analysed. The control sensitivity is analysed by considering the closed loop
system as a single-input and multiple-output system. The magnitude of the control sensitivity function thereby indicates the combined control
effort of the two control loops. A simple two-loop system can be formulated by incorporating the reference model and its effect in terms of pitch
activity into the system dynamics G(s). In effect, the control sensitivity function does not capture the control effort contribution of the reference
model. This contribution is, however, of minor importance to the overall control effort.
The magnitude of the tower feedback sensitivity and control sensitivity function is plotted together with the lifetime probability distribution of
wave peak frequency in Figure 7. With active tower stiffness, there is a distinct improvement in the disturbance rejection capabilities in the wave
frequency range. This is, however, only the case at frequencies below the first fore-aft modal frequency. Above this frequency, the sensitivity
and control sensitivity function both favour active tower damping only. Comparing the results for the two wind speeds, higher control effort and
less efficient disturbance rejection is expected in a frequency range around 0.1 Hz for higher wind speeds. The natural frequency of the rotor
speed control mode increases slightly with the wind speed. Therefore, the interaction with the rotor speed control loop is more pronounced for
the higher wind speed.
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(A)

(C)

(B)

(D)

FIGURE 7 Magnitude of the tower displacement sensitivity and control sensitivity function together with the lifetime probability distribution of
wave peak frequency. The two cases in Table 4 are considered, and the results are presented for two wind speeds V = 12 m/s and V = 20 m/s.
The dashed lines indicate the first fore-aft modal frequency f1 [Colour figure can be viewed at wileyonlinelibrary.com]

FIGURE 8 Magnitude of the rotor speed sensitivity and control sensitivity function for wind speeds V = 12 m/s and V = 20 m/s. The baseline
case and the two cases in Table 4 are considered. The dashed lines indicate the first fore-aft modal frequency f1 [Colour figure can be viewed at
wileyonlinelibrary.com]

Figure 8 presents the magnitude of the rotor speed sensitivity and control sensitivity function. Tower feedback control degrades disturbance
rejection in a frequency range around 0.1 Hz. While this effect is most pronounced with active tower damping, it occurs at frequencies closer to
the frequencies of turbulent wind variations with active tower stiffness. In any case, this performance degradation primarily occurs in a frequency
range above the frequencies of significant turbulent wind variations. Notably, even in the baseline case, rotor speed disturbances are amplified
in the wave frequency range. The cut-off frequency of the low-pass filter on the shaft speed measurement is set to 0.2 Hz, which is below the
support structure's modal frequencies, but above the frequencies of significant wave disturbances. Moreover, in order to highlight the effects of
interaction with the tower feedback loop, a set of moderately high gains is applied in the rotor speed controller. Nevertheless, simulations with
the high-fidelity model suggest that a reasonable overall performance is achieved with the selected control parameters.
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FIGURE 9 The support structure's closed loop damping ratio and natural frequency as functions of the tower feedback controller gains. Wind
speeds V = 12 m/s and V = 20 m/s are considered, and the red stars indicate the controller gains in the two cases presented in Table 4 [Colour
figure can be viewed at wileyonlinelibrary.com]

7.3

Closed loop modal properties

The support structure's closed loop modal properties with the tower feedback loop are analysed in the following. The analysis is performed with
the rotor speed controller and the low-pass filter on the shaft speed measurement included as part of the system dynamics G(s). Furthermore,
the reference model, and its effect in terms of pitch activity, is included in the description of the system dynamics. The transfer function C(s)
describes the response of the tower feedback controller. Since the complementary sensitivity function T(s) is the transfer function of the closed
loop system, the modal properties are given by the poles of the complementary sensitivity function.
The closed loop damping ratio and natural frequency are presented in Figure 9 as functions of the tower feedback controller gains. As expected,
the natural frequency and the damping ratio are increased as a result of the tower feedback loop. The damping ratio is inversely proportional
to the square root of the modal stiffness. Therefore, the damping ratio is reduced as a function of the proportional gain. Furthermore, due to
coupling with the rotor speed controller, the natural frequency increases for increasing derivative gain.

8

LIFETIME ANALYSIS

The lifetime effects of the proposed control scheme are analysed in the following. First, the trade-off between the support structure's fatigue
loads and adverse side effects in the pitch actuators is analysed. Then the lifetime effects of the proposed control scheme are assessed.

8.1

Trade-off with respect to the pitch actuators

The trade-off between fatigue loads in the support structure and adverse side effects in the pitch actuators is considered here. The two cases
in Table 4 are compared with the baseline case in Figure 10. In both cases, the support structure's fatigue loads are reduced; however, the best
choice of tower feedback controller is seen to depend on the environmental conditions.
In the partial load region, active tower damping yields the largest reduction in the support structure's fatigue loads. Low and moderate wind
speeds are correlated with sea states with peak frequency close to the fore-aft modal frequency. The power spectral density of the fore-aft
nacelle displacement is presented in Figure 11A. In the baseline case, the response is restricted to a comparatively narrow frequency range around
the modal frequency. The proportional-derivative controller relocates the wave response to the frequency range predicted by the reduced-order
linear analysis. Relocating the closed loop modal frequency away from the excitation frequencies reduces dynamic amplification. Still, increasing
the damping is more effective for reducing the response amplitudes.
In the full load region, tower feedback control with proportional-derivative action yields the largest reduction in the support structure's fatigue
loads. In the most severe environmental conditions, the fatigue damage is reduced by approximately 80% in TFC 2. In TFC 1, the fatigue damage
is only reduced by approximately 10% to 30% in the same environmental conditions. Since high wind speeds are correlated with severe sea
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Trade-offs between the support structure's fatigue damage and adverse side effects in the pitch actuators considering DLC 1.2
(normal operation) only [Colour figure can be viewed at wileyonlinelibrary.com]

FIGURE 10

Power spectral density (PSD) of tower top displacement and the blade's pitch angle for two selected environmental conditions. The
wave peak frequency fp , first fore-aft modal frequency f1 , and the closed loop modal frequency with proportional-derivative tower feedback
control fx are indicated in the plots [Colour figure can be viewed at wileyonlinelibrary.com]

FIGURE 11

states with peak frequency comparatively far below the fore-aft modal frequency, the wave response is primarily quasi-static. This leads to the
broad banded wave response seen for the baseline case in Figure 11B. While proportional-derivative control reduces the response amplitudes
across a broad frequency range, active tower damping is only effective in a frequency range around the fore-aft modal frequency. Furthermore,
as predicted by the reduced-order linear analysis, active tower damping amplifies the response in a frequency range between 0.1 and 0.14 Hz. In
order to avoid this issue, it is necessary to reduce the bandwidth of the rotor speed controller.
As a result of the additional pitch activity, the pitch actuator duty cycle and the pitch bearings' fatigue loads are increased in both cases. This
is further illustrated by the power spectral densities of the blade pitch angle in Figure 11. The penalty is most prominent in the partial load region
where the turbine is normally operated with constant or slowly-varying pitch angle. In low and moderate wind speeds, tower feedback control has
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more severe side effects with proportional-derivative action than with damping only. Evidently, active tower damping is the favourable choice
for wind speed below some threshold value. Above this threshold, the trade-off between the support structure's fatigue loads and adverse side
effects favours proportional-derivative control.

8.2

Lifetime effects of the proposed control scheme

The lifetime effects of the proposed control scheme are analysed in the following. In addition to the two cases in Table 4, a third case is
considered. In the third case, referred to as TFC 1+2, tower feedback control is performed with derivative action in the partial load region and
proportional-derivative action in the full load region. The results for TFC 1+2 are computed by combining the results of TFC 1 and TFC 2 in the
post-processing procedure. Thus, no logic for switching between controller gains is implemented in the tower feedback loop.
The circumferential distribution of fatigue utilization for the foundation is presented in Figure 12. The results are presented for the cross
section with the highest fatigue utilization, which is located 6 m below the mudline. Furthermore, a safety factor of 3 is applied to the results
in accordance with the recommendations of the standard DNV-OS-C10160 for offshore steel structures with nonaccessible areas. A fatigue
utilization of 1.2 in the baseline case suggests that the foundation will fail during the 20-year lifetime. There are many uncertainties related to the
present analysis,43 and a maximum fatigue utilization near 1.0 indicates that the considered design case represents a realistic foundation design.
With tower feedback control, the fatigue utilization is significantly reduced. Since the fatigue damage is approximately uniformly reduced around
the circumference of the foundation, the circumferential position of the maximum fatigue utilization remains unchanged.
The lifetime effects for the three cases are presented in percentage of the baseline case in Table 5. The lifetime accumulated fatigue damage in
the support structure is significantly reduced in all three cases. Due to coupling between the fore-aft and side-side vibration modes, the fatigue
loads in the side-side direction are reduced by alleviating response amplitudes in the fore-aft direction. Furthermore, the fatigue loads in the
blade roots are also reduced as a result of tower feedback control. The additional pitch activity causes increased variations in the aerodynamic
loads. However, due to the reduction of wave-induced inertia loads, the blade roots' accumulated fatigue loads are reduced.
In all three cases, the pitch actuators are severely affected by the additional pitch activity. Furthermore, the fatigue loads in the main shaft are
increased as a result of the additional control-induced fluctuations in the aerodynamic torque. The wind-induced variations in the shaft speed
are large compared with the fluctuations caused by tower feedback control. Consequently, the integrated absolute shaft speed error is only
moderately affected. Likewise, tower feedback control has an insignificant effect on the power output and the fatigue loads in the gear teeth.
Notably, the effects of tower feedback control with respect to power output and the integrated absolute shaft speed error are similar in TFC 1
and TFC 2. The proportional term in the tower feedback loop does not seem to interfere with the basic operation of the turbine.

Circumferential distribution of fatigue utilization for the foundation 6 m below the mudline in the two cases in Table 4 and the third
case referred to as TFC 1 + 2. A safety factor of 3 is applied in accordance with the standard DNV-OS-C10160 [Colour figure can be viewed at
wileyonlinelibrary.com]
FIGURE 12

TABLE 5

Lifetime effects for the two cases in Table 4 and the third case referred to as TFC 1+2a
Support structure
D20
Max

a

D20
FA

Blade root
D20
SS

DEL20
Edge

Pitch actuators

Drive-train

DEL20
Flap

DEL20
𝜷

ADC20
𝜷

DEL20
Gear

DEL20
Shaft

Generator
P20
Out

IAE20
𝝎

TFC 1

−20.0

−19.1

−12.2

−4.0

−0.9

+19.2

+103.0

+0.2

+5.5

0.0

+1.3

TFC 2

−34.4

−33.1

−14.0

−2.5

−7.5

+30.3

+182.1

+0.3

+7.1

0.0

+1.5

TFC 1+2

−34.8

−34.5

−15.8

−3.9

−7.2

+21.7

+116.6

+0.2

+6.9

0.0

+1.5

In TFC 1+2, derivative action is applied in the partial load region, and proportional-derivative action is applied in the full
load region. The performance parameters are given in percentage (%) of the baseline case.
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The lifetime effects of tower feedback control, both desirable and undesirable, are generally more pronounced with proportional-derivative
action. Tower feedback control with damping in the partial load region and proportional-derivative action in the full load region yields the most
favourable trade-off between the support structure's fatigue damage and adverse side effects. In this case, the adverse side effects are of similar
severity as with conventional active tower damping, while the support structure's fatigue life is further improved.

9

CONCLUSIONS

In this paper, a control scheme for reducing the wave-induced fatigue loads in monopile OWT support structures was proposed. The control
scheme applied collective pitch control to increase both the damping and stiffness of the support structure's fore-aft vibration modes. The
design case was a 10-MW wind turbine located in 30-m water depth at the Dogger Bank in the North Sea. The proposed control scheme was
model-based in the sense that it included a state estimator and a reference model. A low-fidelity offshore wind turbine model, including a wave
disturbance model, was therefore established. The state estimator and the reference model were verified based on time-domain simulations with
a high-fidelity offshore wind turbine model in an aero-hydro-servo-elastic simulation tool. Furthermore, based on the low-fidelity model, the
closed loop properties of the proposed control scheme were analysed and compared with conventional active tower damping. Finally, based on
time-domain simulations with the high-fidelity model, the lifetime effects of the proposed control scheme were analysed.
The tower displacement estimates closely matched the true tower displacements of the high-fidelity model. However, a steady-state
displacement error caused by the unmodelled tilt moment from the rotor-nacelle assembly was observed. Since the same models were applied
in the state estimator and the reference model, this error also appeared in the reference trajectory. Therefore, the steady-state error did not
negatively affect the performance of the proposed control scheme. As a result of the wave disturbance model, it was possible to achieve
accurate displacement estimates without wave disturbances in the wind speed estimates. Furthermore, the accuracy of the state estimates and
the reference trajectory was not significantly affected by erroneous model parameters, such as the soil stiffness and the sea state parameters.
Closed loop analysis with the low-fidelity model showed that conventional active tower damping consistently reduces the robustness of the
rotor speed control loop. With active tower stiffness, the robustness was improved within certain boundaries. Consequently, it was possible to
implement tower feedback control without reducing the bandwidth of the rotor speed control loop. Furthermore, with the proposed control
scheme, efficient wave disturbance rejection could be achieved across a broad frequency range. With conventional active tower damping,
efficient disturbance rejection was restricted to a narrow frequency range around the first fore-aft modal frequency.
The results of the time-domain simulations with the high-fidelity model confirmed the closed loop behaviour predicted by the low-fidelity
model. In the partial load region, active tower damping gave the largest fatigue load reduction for the support structure. Conversely, in the full
load region, tower feedback control with stiffness and damping gave the largest fatigue load reduction. The pitch actuators and the main shaft
were severely affected by the additional pitch activity. Other performance measures, such as blade root fatigue loads, gearbox fatigue loads,
and shaft speed variability, were either improved or marginally affected. The power output was not affected in any of the simulation cases. The
most favourable trade-off between adverse side effects and the support structure's fatigue loads was achieved with active tower damping in the
partial load region and active tower damping and stiffness in the full load region. In this case, the adverse side effects were of similar severity as
with conventional active tower damping, while the support structure's fatigue life was further improved.
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Abstract
The cost of offshore wind energy can be reduced by incorporating control strategies to reduce the
support structures’ load effects into the structural design process. While effective in reducing the
cost of support structures, load-reducing controls produce potentially costly side-effects in other
wind turbine components and subsystems. This paper proposes a methodology to mitigate these
side-effects at the wind farm level. The interaction between the foundation and the surrounding
soil is a major source of uncertainty in estimating the safety margins of support structures. The
safety margins are generally closely correlated with the modal properties (natural frequencies,
damping ratios). This admits the possibility of using modal identification techniques to reassess
the structural safety after installing and commissioning the wind farm. Since design standards
require conservative design margins, the post-installation safety assessment is likely to reveal
better than expected structural safety performance. Thus, if load-reducing controls have been
adopted in the structural design process, it is likely permissible to reduce the use of these during actual operation. Here, the probabilistic outcome of such a two-stage controls adaptation is
analysed. The analysis considers the structural design of a 10MW monopile offshore wind turbine under uncertainty in the site-specific soil conditions. The results show that a post-installation
adaptation can reduce the side-effects of load-reducing controls by up to an order of magnitude
at the wind farm level.
KEYWORDS:

Offshore wind energy, Structural design, Control design, Geotechnical design, Structural health
monitoring, Structural reliability
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INTRODUCTION

Support structures are a major contributor to the cost of offshore wind energy. Favored for their cost-efficiency, monopile foundations are prevalent in the European offshore wind industry 1 . The support structures’ dimensions are governed by requirements regarding ultimate, serviceability,
and fatigue limit states. The environmental load effects in these limit states depend on the wind turbine’s control system. It is widely recognized that
the fatigue load effects are governed by the global response characteristics which, in turn, depend on the turbine’s closed loop properties. Furthermore, the ultimate and serviceability load effects depend on the turbine’s operational settings, such as the cut-out and rated wind speed. A number
of control strategies are available for reducing load effects in offshore wind turbine (OWT) support structures 2,3,4,5,6,7 . However, regardless of the
control strategy used, there are unavoidable adverse side-effects, such as wear and tear of various wind turbine components, and power output
degradation in terms of both quality and quantity 2,7 . These side-effects may significantly reduce or even offset the cost savings enabled by the loadreducing controls.
The interaction between the foundation and the surrounding soil is a major source of uncertainty in estimating the safety margins of support
structures 8,9,10,11,12,13,14 . In particular, uncertainty in the support structures’ fundamental natural frequency presents a challenge in estimating their
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fatigue life. The fundamental natural frequency is usually placed in the relatively narrow “soft-stiff” frequency range in between the rotor frequency
(1P), and blade passing frequency (3P) 15 . Any coincidence with the rotor excitation frequencies may cause a significant reduction in fatigue life. Furthermore, due to increasing turbine sizes, the “soft-stiff” frequency range is falling closer to the wave excitation frequencies, thus making fatigue life
estimation even more sensitive to uncertainty in the fundamental natural frequency. There is also uncertainty about the magnitude of responses.
This affects not only the estimation of fatigue life, but also the estimation of servicebility capacities which are defined in terms of deflections and
rotations (tilt) at the pile head and nacelle level 16,17 . The fatigue and serviceability requirements usually lead to conservative ultimate capacities 17 .
Moreover, since structural collapse is caused by failure of the foundation rather than the the surrounding soil, the ultimate capacities are not very
sensitive to uncertainties in the soil-structure properties 18 .
Although not yet in widespread commercial use, there are many examples of structural monitoring systems having been successfully employed to
estimate the modal properties of OWT support structures 19,20,21,22,23,24,25,26,27 . Structural health monitoring has typically been proposed to enable
improved life-cycle maintenance and inspection management, and early detection of deterioration phenomena, such as scouring around the foundation. The data collected from such monitoring systems could also be useful for making turbine-specific adjustments to the controls. Supposing
that information about the true modal properties is available, the uncertainty in the structural safety margins is reduced. Since design standards
generally require conservative design margins, the true modal properties are likely to reveal better than expected structural safety performance.
Thus, if load-reducing controls have been adopted in the structural design process, it is likely permissible to reduce the use of these during actual
operation. This fact can be exploited by incorporating a post-installation adaptation of load-reducing controls into the structural design process.
For the majority of turbines, this would lead to a win-win situation where load-reducing controls have been used to reduce the support structure’s
cost without having to be used in actual operation, at least not to their fullest potential.
The main contribution of this paper is to propose and analyse a post-installation adaptation of control strategies for reducing the cost of OWT
support structures. The overall objective is to increase the cost-efficiency of load-reducing controls by mitigating their adverse side-effects at the
wind farm level. Hence, the focus is on optimizing the use of existing control strategies rather than the development of new or improved control
strategies. A simulation study considering the structural design of a 10MW monopile OWT under uncertainty in the site-specific soil conditions is
conducted in order to evaluate the proposed methodology. Two control strategies are considered in separate analyses: (1) tower feedback control
to increase the support structure’s fatigue life, and (2) peak shaving to increase the support structure’s serviceability capacity. The analyses are performed using the aero-hydro-servo-elastic simulation tool SIMA by SINTEF Ocean.
The paper is organized as follows: First, the controls adaptation procedure is formulated as a two-stage design problem in Section 2. Next, the random field soil model and the soil-structure interaction model are presented in Section 3. Further, the simulation setup is described in Section 4. Then,
the selection of characteristic soil properties are discussed in Section 5. Finally, the probabilistic outcomes of the two-stage controls adaptation are
analysed in Sections 6 and 7, before the paper is concluded in Section 8.

2

BACKGROUND AND PROBLEM FORMULATION

The structural design of an OWT is a partially iterative process, involving both the wind turbine manufacturer and foundation designer 18,28,29 .
While the support structures’ dimensions are determined through an iterative process, current offshore wind projects use standard off-the-shelf
rotor-nacelle assemblies that offer limited possibilities for project-specific adaptations. A preliminary design for the rotor-nacelle assemblies (RNA),
including the controls, is decided upon in the early stages of the conceptual design phase. The suitability of the rotor-nacelle assemblies is then
reassessed on the basis of the actual project-specific data during certification at the end of the structural design process 29 . Fischer et al. 29 demonstrated how the conventional design process can be modified to accommodate the adaptation of control strategies to reduce the cost of support
structures. As illustrated in Figure 1 , the methodology proposed in the present paper extends the adaptation of load reducing controls to a twostage design problem 30 . In the first stage, the support structures’s dimensions and initial settings for the load reducing controls are chosen based on
prior information about the uncertain parameters. In the second stage, once more information becomes available regarding the uncertain parameters, the settings for the load reducing controls are adjusted based on updated estimates of structural safety margins. A two-stage formulation
is applicable to design problems for which the uncertainties are related to manufacturing, fabrication, and construction, such as uncertainty in the
site-specific soil conditions, or certain structural parameters. In the case of temporal uncertainties, such as the environmental conditions, turbine
availability, or soil erosion and degradation, a multi-stage formulation is required for describing the design problem.
A general formulation of the two-stage design problem is given by


Minimize : CS (x) + Eξ CC (x, ξ)
x∈X


subject to : P Gj (x, ξ) ≤ 0 ≤ Pj , j = 1, 2, . . . m

(1)
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where CC (x, ξ) is the solution of the second stage problem
Minimize : CC (x, y(ξ))
y∈Y


subject to : P Gj (x, y(ξ)) ≤ 0 ≤ Pj , j = 1, 2, . . . m

(2)

The first stage decision variables x ∈ X governs the support structure’s dimensions and the initial settings for the load reducing controls. The

random variables ξ are the uncertain data, which in the present case are parameters related to the soil conditions. The objective of the first stage
problem is to minimize the total of the support structure’s cost CS (x) and the expected cost of the control strategies adopted to reduce the support




structure’s load effects E CC (x, ξ) . The dimensions of the support structure are constrained by the probabilities of failure P Gj (x, ξ) ≤ 0 which
cannot exceed the target failure probabilities Pj . The required margin of safety must be fulfilled for all failure modes j = 1, 2, . . . m. The second

stage decision variables y ∈ Y govern the settings for the load reducing controls once the uncertain variables have unfolded. The objective of the

second stage problem is to minimize the use of load reducing controls, while adhering to the required level of structural safety. The key feature of
the two-stage formulation is the interdependence between the first- and second stage in the design problem. Most importantly, in the first stage,

decisions should be made taking into account the probabilistic outcome of the second stage problem. Of course, the solution of the second stage
problem depends on the decisions made in the first stage.
The two-stage controller adaptation presupposes that information about the true modal properties becomes available once the turbines have been installed. There are several examples where modal identification techniques have been successfully applied to wind turbines 19,20,21,22,23,24,25,26,27 . The modal properties are usually estimated from acceleration data collected at one or more vertical locations along
the support structure. Collecting acceleration data at several vertical locations makes it possible to estimate the mode shapes in addition to the
modal frequencies and damping ratios 23,24,25 . Reassessing the structural safety margins requires accurate and reliable information about the modal
properties. In general, the modal properties estimated at discrete time instants, for instance during rotor-stop events, are subject to considerable
uncertainties 20,23,26,27 . A system for continuous monitoring should therefore be employed 20,21,22,23,24,25 . An example of such a monitoring system
was developed and tested in full scale by Devriendt et al. 24 . Based on data collected from an idling turbine over a two-week period, the modal
properties of five fundamental modes were identified. The applicability of the system was further proven by Weijtjens et al. 25 who employed data
collected over a two-year period to track changes in the modal frequencies. As further explained in Section 3, the present work considers only uncertainty in the modal frequencies due to the inherent variability in the site-specific soil conditions. It is generally more difficult to obtain accurate and
reliable information about the damping ratios than the modal frequencies. Furthermore, in order for the proposed methodology to be presented in
a straightforward manner, it is desirable to deal with only one uncertain parameter.

GEOTECHNICAL MODELS

3

A geotechnical design basis is established in the following. First, the different sources of geotechnical uncertainties are discussed and the procedure
for generating random soil profiles is presented. Then, a random field model is constructed based on conditions at the Dogger Bank in the North
Sea. Finally, the soil-structure interaction model is presented.

3.1

Geotechnical uncertainties and random field modeling

Soil is a heterogeneous material with properties that vary verically and horizontally. The three primary sources of geotechnical uncertainty are
inherent variability, measurement uncertainty, and transformation uncertainty 32,33,34,35 . The inherent variability of the soil properties is due to
natural heterogeneity resulting from continuous geological processes. In general, this source of uncertainty cannot be reduced by collecting more
data or performing more tests 35 . Measurement and transformation uncertainties emerge from measurement errors, statistical uncertainty due to
limited amounts of information, and the correlation models used for transforming field or laboratory measurements into engineering properties.
These uncertainties depend on the quality of the equipment being used, procedural control, and the amount of data collected 32,35 . In practice, the
uncertainties due to measurement and transformation errors are often embedded in the inherent variability under the assumption that their contributions to the overall uncertainty are small 35 . Furthermore, depending on the number of samples, the statistical uncertainty can be taken into
account in the estimation of the soil properties’ mean value 35 . Hence, only the inherent soil variability is modeled in the present work.
Inherent soil variability is usually modeled as random fields characterized by their mean, coefficient of variation (COV), and scale of fluctuation 32,33,34 . As illustrated in Fig. 2 , the spatial variability of a soil property ξ can be decomposed into a mean trend µ and a fluctuating component
w, such that
ξ(z) = µ(z) + w(z)

(3)
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FIGURE 1 Outline of the design process for an offshore wind turbine with a two-stage adaptation of load reducing controls. The outline is based
on information presented by Seidel 28 , Seidel et al 18 , Fischer et al 29 , and IEC 61400-3 31 .

where z is the depth below the ground surface 32 . Within a soil layer, the mean trend is often assumed either constant, or linearly varying with depth.
The vertical scale of fluctuation δ is the distance over which the soil property shows strong correlation. The distance δ is related to the average distance between crossings of the fluctuating soil property and the mean trend 32,34 .
It is straightforward to generate a vertical sequence of correlated random soil properties from a random field with probability distribution
Fξ (ξ) 10,36,12 . For each random field realization, a vector U of uncorrelated standard Gaussian distributed variables Ui where i = 1, 2, . . . , n is gener-

ated. The dimension n corresponds to the number of depth increments in the soil-structure interaction model. The vector Y of correlated standard
Gaussian distributed variables Yi is then computed by Choleski triangulation of the positive definite correlation matrix ρ, such that
Y = TU,

TTT = ρ

(4)

where T is the lower triangular matrix. The correlation matrix describes the vertical correlation structure of the random field, which is frequently
characterized by autocorrelation functions. Such functions describe the correlation between two points based on their vertical separation distance
(lag) and the vertical scale of fluctuation 34 . Finally, the vertical sequence ξ of correlated random soil properties ξi can be computed by applying the
componentwise transformation given by


ξi = Fξ−1 Φ(Yi ) ,

i = 1, 2, . . . , n

(5)

where Φ(Yi ) is the standard Gaussian probability distribution.

3.2

Random field model

A wind farm site at the Dogger Bank in the North Sea is used as a basis for establishing the random field model. The soil profile at the design location
consists of a surface layer of dense sand with underlying layers of stiff clays. Based on these soil conditions, a simple three-layered random field
model is constructed. For geotechnical design in clay, the submerged unit weight γ and undrained shear strength su are typical parameters used
to describe the mechanical behaviour of soil. Likewise, the mechanical behaviour of sand is described by the submerged unit weight and angle of
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Seabed
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Scale of fluctuation δ

Soil property ξ(z)

Layer 2

Mean µ(z)
Layer 3
Fluctuation w(z)

FIGURE 2 Random field model (Adapted from Phoon and Kulhawy 32 ).

internal friction φ. Under the assumption of low variability, the submerged unit weight is treated as a deterministic parameter 32,33 . Thus, only the
undrained shear strength and the angle of internal friction are modeled as random fields.
The random field model is defined in Table 1 . In the surface layer of sand, the mean and standard deviation of the random field are assumed
independent of depth. In the underlying layers of clay, the mean and standard deviation are assumed independent of depth in the upper layer, and
linearly increasing with depth in the lower layer. The coefficients of variation and vertical scales of fluctuation are selected based on the guidelines
for soil property variability by Phoon and Kulhawy 32,33 . Here, the angle of internal friction is assumed normally distributed 35 . Accordingly, the
componentwise transformation Yi → φi for the angle of internal friction is given by
φi = µi + σi Yi ,

(6)

i = 1, 2, . . . , n

where µi and σi are the means and standard deviations in the n depth decrements in the surface layer of sand. The undrained shear strength is
assumed lognormally distributed in the present work. The shear strength of clay stems from the sum of frictional resistance between soil particles, which under the central limit theorem implies that the shear strength is asymptotically normally distributed 37 . Nevertheless, in order to
avoid unphysical negative values, the undrained shear strength is usually modeled as a lognormally distributed variable 35 . The componentwise
transformation Yi → su,j for the undrained shear strength is given by


su,i = exp µln,i + σln,i Yi ,

(7)

i = 1, 2, . . . , m

where µln,j and σln,j are the lognormal mean and standard deviation in the m depth decrements in the underlying clay layers.
The vertical autocorrelation structure of the random fields is assumed to follow a exponential decay model as described by Vanmarcke 34 .
Accordingly, the correlation ρ between two points separated by a distance τij = zi − zj is given by
!
2|zi − zj |
ρij = exp −
, i = 1, 2 . . . , p, j = 1, 2 . . . , p
δ

(8)

where p is the number depth decrements in the respective soil layers. There is no correlation between the upper layer of sand and the underlaying
layers of clay.

TABLE 1 The three-layered random field model. The coefficients of variation and vertical scales of fluctuation are based on the guidelines for typical
soil property variability by Phoon and Kulhawy 32,33 . The correlation lengths in bold are used in the analysis of the two-stage controls adaptation.

Layer

Depth Range [m]

Type

1

0-5

Dense sand

2

5-15

Stiff clay

3

15-38

Stiff clay

Soil property
Friction angle φ [deg]
Submerged unit weight γ [kN/m3 ]
Undrained shear strength su [kPa]
Submerged unit weight γ [kN/m3 ]
Undrained shear strength su [kPa]
Submerged unit weight γ [kN/m3 ]

Distribution
Normal
Deterministic
Lognormal
Deterministic
Lognormal
Deterministic

Mean µ(z)
40
10
75
10
75+3(z−15)
10

COV %
15
0
40
0
40
0

Scale of fluctuation δ [m]
2.0
0.5/2.0
2.0/5.0
∞

5.0
1.0/5.0
5.0/10.0
∞

5.0
1.0/5.0
5.0/10.0
∞
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3.3

Soil-structure interaction model

Laterally loaded piles, such as OWT monopile foundations, are often designed using the so-called p-y method, according to the recommended
practice issued by the American Petroleum Institute (API) 38 . In accordance with Winkler’s foundation model, the lateral interaction between the
foundation and the surrounding soil is described by a series of uncoupled nonlinear springs. A set of p-y curves describes the nonlinear relationship
between lateral displacement y and soil resistance p. The appropriate choice of p-y curves depends on the type of soil and whether the pile is subjected to static, dynamic, or cyclic loading 39,38 . For piles in sand, the standards DNV-OS-J101 39 and API-RP-2GEO 38 recommend the p-y curves
proposed by Murchison and O’Neill 40 . For piles in clay, the standards unanimously recommend the p-y curves proposed by Matlock 41 for soft clays,
while API-RP-2GEO recommends the p-y curves proposed by Reese and Welch 42 for stiff clays. The present work uses the p-y curves of Murchison and O’Neill 40 for modeling the upper sand layer, and the p-y curves of Matlock 41 for modeling the underlying clay layers. Corrections for cyclic
loading are applied in accordance with DNV-OS-J101 39 .
While the standards consistently recommend application of the p-y method, there are several known shortcomings to this modeling approach.
Without exception, the p-y curves are derived from field tests performed on flexible piles with length to diameter ratios well above those of OWT
monopile foundations 13,11 . Furthermore, while the p-y curves include corrections for cyclic loading, these are calibrated based on field data collected from piles subjected to a low number of loading cycles compared with the cycle count over the service life of an OWT 11,13 . The implications
of these and other shortcomings of the p-y method are widely discussed in the literature on geotechnical modeling for OWTs 13,8,11,9,14 . Although
soil-structure modeling errors are a significant source of uncertainty, this is not taken into account here. First of all, there are currently no statistical
models available capable of reasonably capturing this uncertainty. Furthermore, Damgaard et al. 11 estimated the modal frequencies of 54 OWTs
based on 510 free vibration tests. Their results showed that the p-y method consistently underestimated the modal frequencies compared with
the full-scale measurements. Thus, neglecting soil-structure modeling uncertainty is expected to yield conservative safety margins for the support
structure. It is also expected to produce conservative results with respect to the post-installation adaptation of the load-reducing controls.

4

SIMULATION SETUP

The simulation setup is described in the following. First, the simulation model is described. Then, the procedure for the fatigue life analysis is presented, including design load cases and environmental load cases. Finally, the procedure for the serviceability analysis is established, including the
estimation of one-year loading conditions.

4.1

Simulation model

The OWT model is based on the DTU Wind Energy 10MW reference turbine 43 which is placed on a monopile foundation with diameter 8.5 meters.
The water depth is 25 meters and the penetration depth of the monopile is 38 meters below the seabed. Basic control functions (baseline controls)
are implemented based on the DTU Wind Energy controller 44 . Simulations are performed using the aero-hydro-servo-elastic software tool SIMA
by SINTEF Ocean. In SIMA, the structural components are modeled using nonlinear beam elements which account for large deformations and
nonlinear geometrical stiffness. Morison’s equation and Airy linear wave theory are used to model the hydrodynamic loads. The wave kinematics
are integrated to the instantaneous free surface and the drag- and mass coefficients are taken as CD = 0.9 and CM = 2.0, respectively 45 . Blade
element momentum theory is used to model the aerodynamic loads. Appropriate corrections for dynamic inflow, skewed inflow, dynamic wake,
tower shadow, tip loss, and hub loss are included in the aerodynamic load model 46 . The JONSWAP spectrum with peak enhancement factor given
by the standard DNV-RP-C205 47 is used to generate wave time series in SIMA. The Kaimal spectrum with exponential coherence model is used to
generate three-dimensional wind fields using NREL’s Turbsim 48 .
Stiffness-proportional Rayleigh damping is used to take into account material, hydrodynamic, and soil-structure damping. The damping ratio
of the fundamental bending mode is taken as 1.1% where 0.5% is attributed to the material and hydrodynamic damping, and the remaining 0.6%
is attributed to the soil-structure interaction. The material and hydrodynamic damping is applied in all segments of the support structure while
the soil-structure damping is applied only in the foundation beneath the mudline. In addition to the structural damping, the support structure is
equipped with two tuned mass dampers, weighing 20 tonnes each. These damping devices are mounted in a perpendicular configuration in the
tower beneath the nacelle. When the dampers are tuned to the first fore-aft natural frequency they increase the damping ratio of the fundamental
bending mode by approximately 1.1%.
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Fatigue life analysis

The lifetime accumulation of fatigue damage in OWT support structures is usually estimated from a limited number of short-term time domain simulations. In order to reduce the computational effort, metocean data are lumped into environmental load cases. The number and resolution of these
environmental load cases must be sufficient to capture the fatigue contributions from the full long-term distribution of the environmental parameters 49 . Furthermore, design standards such as DNV-ST-0437 49 require the consideration of design load cases covering all relevant combinations
of environmental conditions (wind, wave, ice), operating states (power production, idling, parked, start-up, shut-down, fault occurrences), and accidental states (ship collision, fire).
A reduced set of design load cases is considered in the present work. The design load cases, summarized in Table 2 , cover only the loading
conditions which contribute substantially to the lifetime accumulation of fatigue damage in the support structure. In accordance with the standard DNV-ST-0437 49 , a conservative 90% availability is assumed for the turbine. The incidence of unavailability is an important consideration in
estimating the fatigue life of OWT support structures. Since the aerodynamic damping is negligible when the rotor is at standstill, unavailability
occurrences lead to a significant increase of wave-induced fatigue load effects 2,7 . The adverse effect of unavailability with respect to the fatigue life
can be reduced by so-called active idling 2,7 . When the turbine is in active idling, the blades are pitched only partly into the wind, causing the rotor to
rotate at low speed and hence produce aerodynamic damping. Here, the turbine is assumed capable of active idling 75% of the time it is unavailable
following the discussion by Smilden et al 7 .
The environmental loads cases are established following the procedure described by Smilden et al 7 . Metocean data for a wind farm site at the
Dogger Bank in the North Sea are obtained from a hindcast carried out by the Norwegian Meterological Institute 50 . Fatigue equivalent environmental load cases are constructed from the metocean data based on the long-term distribution of fatigue damage. The environmental load cases
cover the mean wind speed, significant wave height, wave peak period, and the wind/wave misalignment. The turbulence and the wind shear are
accounted for in accordance with IEC 61400-1 51 , assuming Class B normal turbulence conditions. For each environmental load case, time domain
simulations with a total duration of 3600 seconds are performed.

TABLE 2 The reduced set of design load cases used for estimating the lifetime utilization of fatigue damage in the support structure 7 . The design
load cases are defined in accordance with the standard DNV-ST-0437 49 .
DLC
1.2
6.4
7.2

4.3

Design situation
Power production
Idling
Parked with fault

Description
Normal operation without faults
Idling outside the normal operating range
Parked/Idling with fault

Serviceability analysis

The serviceability limit state ensures that the deflections and deformations of the support structure during normal operation do not exceed the
tolerances for which the turbine can operate safely. For monopile OWTs, the serviceability criteria are often defined in terms of deflections and rotations (tilt) at the pile head and nacelle level, including both the initial tilt after installation and permanent rotation accumulated over the turbine’s
service life 9,17 . The rotational requirements are usually the main concern as overturning moments are of greater importance than the horizontal
forces 17 . Further, since the rotations at the pile head and nacelle level are closely related, the serviceability capacity of the support structure may
be expressed in terms of pile head rotation 16 . Recommendations for the permissible pile head rotation is given in design standards such as DNVOS-J101 39 . The tolerance for the total rotation is often on the order of 0.5◦ , allowing for an initial rotation of 0.25◦ after installation and 0.25◦
permanent accumulated rotation. Evaluation of the initial rotation is considered outside the scope of this paper. Hence, the tolerance for the pile
head rotation is taken as the remaining 0.25◦ . There is currently no consensus and furthermore no available guidelines on how to determine permanent accumulated pile rotation. A common and conservative approach is to evaluate the pile rotation under peak loading conditions 9,17,52,14 , which
is the approach adopted here. In accordance with the recommendations of the standard DNV-OS-J101 39 for the serviceability limit state, extreme
loading conditions with a one-year return period are used in the analyses.
The peak wind load with a n-year return period is expected to occur in near-rated conditions where the aerodynamic thrust is at its maximum. In
contrast, the n-year peak wave load is expected to occur in near-cut-out conditions due to the monotonically increasing relationship between wind
speed and the significant height of wind-waves. In order to correctly estimate the n-year response, the modified environmental contour method is
employed 53 . This method is a modication of the widely used environmental contour method 54 . First, the characteristic wind speeds are selected
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deterministically as the wind speeds for which the peak wind and wave loads are expected to occur. Then, for each characteristic wind speed, the
n-year sea state contour is constructed using Rosenblatt’s transformation. In the statistical model, the significant wave height Hs is modeled as
dependent on the mean wind speed V while the wave zero-crossing period Tz is modeled as dependent on Hs . In accordance with the standard
DNV-ST-0437 49 , a three-parameter Weibull distribution is assumed for Hs . Further, the conditional distribution of Tz given Hs is assumed to be lognormal 55 .
The environmental load cases used for estimating the serviceability utilization of the support structure are presented in Table 3 . The environmental load cases cover the mean wind speed, significant wave height, and the wave zero-crossing period. Turbulence and wind shear are accounted
for in accordance with IEC 61400-1 51 , assuming Class B normal turbulence conditions. Several combinations of environmental parameters should
in principle be considered for each loading condition. However, one set of environmental parameters is found sufficient for the analyses performed
here. As both wind and wave are random processes, the maximal pile head rotation is a stochastic variable. In order to estimate the serviceability
utilization, the maximum pile head rotation must be determined from time series of responses. The expected maximum value of ten one-hour time
series is taken as the maximum pile head rotation.

TABLE 3 The reduced set of environmental load cases used for estimating the serviceability utilization of the support structure. The environmental
load cases cover the mean wind speed V, significant wave height Hs , and wave zero-crossing period Tz .

Loading condition
One-year peak loading in rated conditions
One-year peak loading in cut-out conditions

5

V [m/s]

11.0
25.0

Envionmental parameters
Tz [s]
Hs [m]
4.3
7.0
7.6
9.7

SELECTING CHARACTERISTIC SOIL PROPERTIES

Analysis of the two-stage controls adaptation requires selecting characteristic soil properties for use in the pre-installation prediction of the structural safety margins. While several researchers have studied the effects of soil-structure uncertainty in a structural reliability context 56,8,10,12 , there
are few publications that deal with the selection of characteristic soil properties 52 . In general, the appropriate choice of characteristic soil properties depends on the type of support structure and limit state in consideration. According to the standard DNV-OS-J101 39 , a tail quantile in soil
property distribution should be used if the limit state is governed by a small soil volume. Likewise, the soil property’s mean value should be taken
as the characteristic value if the limit state is governed by a large soil volume. Furthermore, the characteristic values should be selected as cautious
estimates of the values governing the limit state in consideration. The geotechnical design of monopile OWT foundations involves a rather large
volume of soil. Consequently, the depth dependent characteristic soil property should be a cautious estimate of the mean trend. The characteristic
value ξK is typically expressed as the mean minus the standard deviation multiplied with some factor γK 35 , such that
ξK,i = µi − γK σi ,

i = 1, 2, . . . , n

(9)

where µi and σi are the means and standard deviations at the n depth decrements. The factor γK is selected based on the required level of caution 35 .
Design standards, such as DNV-RP-C207 57 , provide general guidelines on the selection of γK based on the number of observations in the soil layers.
These guidelines are appropriate under the assumption of negligible variance in the design-driving soil properties. This is a reasonable assumption
for piles under axial loading, for which the soil over the entire embedment length contributes to the load carrying capacity 37 . As the following
analysis will show, this is not necessarily the case for laterally loaded piles such as monopile OWT foundations.
Figure 3 presents the distribution of the fundamental fore-aft natural period for different vertical scales of fluctuation. Only the fore-aft period
is presented here since the fore-aft and side-side bending modes have closely spaced periods with similar distributions. Since the natural periods
are bounded from below by those with fixed boundary conditions at the seabed, their distributions are negatively skewed 26,11,10 . As expected, the
variance of the natural period depends on the vertical correlation length. Thus, for limit states that are closely correlated with the natural period,
neglecting vertical correlation does not yield a consistent level of safety.
Figure 4 presents the horizontally averaged soil properties for all outcomes of the natural period above the 95%-quantile and below the 5%quantile. The random field realizations associated with natural periods in the tail quantiles deviate from the mean trend. In general, sand provides
greater soil-pile stiffness than clay. The angle of internal friction therefore exhibits larger deviations from its mean value than the undrained shear
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strenght. Furthermore, since the natural periods are governed by the soil-pile stiffness near the seabed and pile toe, larger deviations are observed
in the upper and lower depth ranges. It is clear that the natural period is not governed by the entire soil volume, but a combination of the soil volumes
near the seabed and pile toe. This needs to be taken into consideration in selecting characteristic soil properties.
Here, the characteristic soil properties are estimated based on the distribution of the natural period. Based on eigenvalue analysis, the factor γK
is adjusted until the desired level of safety is achieved. Similar to the guidelines for limit states governed by a small soil volume 57,39 , a 5% margin
of safety is adopted. Hence, under the assumption that the fatigue life and serviceability capacity monotonically decrease with increasing natural
period, the 95%-quantile is taken as the target natural period in the calibration of γK . The resulting factors γK are presented in Table 4 together
with the means and coefficients of variation for the natural period.

TABLE 4 The characteristic soil factor γK calibrated to a 5% level of safety based on the distribution of the support structure’s fundamental foreaft period T resulting from 10000 random field realizations. The means and coefficients of variation for the natural period are also presented.
Correlation lengths δφ = 2.0 and δsu = 5.0 [m] are used in the analysis of the two-stage controls adaptation.

Scale of fluctuation
δsu [m]
0.5
1.0
2.0
5.0
5.0
10.0

δφ [m]

Mean [s]
4.45
4.47
4.48

COV %
1.5
2.0
2.5

95% quantile

T (95% quantile)

γK (95% quantile)
0.42
0.65
0.86

4.57
4.63
4.69

95% quantile

95% quantile

5

4

5
4
3
2
1
0

Probability density [-]

Probability density [-]

Probability density [-]

6
4
3
2
1
0
4.3

4.4

4.5
4.6
4.7
4.8
Natural period T1 [s]

4.9

(a) δφ = 0.5 [m], δsu = 2.0 [m].

3

2

1

0
4.3

4.4

4.5
4.6
4.7
4.8
Natural period T1 [s]

4.9

(b) δφ = 2.0 [m], δsu = 5.0 [m].

4.3

4.4

4.5
4.6
4.7
4.8
Natural period T1 [s]

4.9

(c) δφ = 5.0 [m], δsu = 10.0 [m].

FIGURE 3 The distribution of the support structure’s fundamental fore-aft period T resulting from 10000 random field realizations. Correlation
lengths δφ = 2.0 and δsu = 5.0 [m] are used in the analysis of the two-stage controls adaptation.

6

TWO-STAGE ADAPTATION OF A CONTROL STRATEGY FOR FATIGUE LOAD REDUCTION

The two-stage adaptation of a control strategy capable of increasing the fatigue life of support structures is analysed in the following. First, the
lifetime effects of the adopted control strategy are analysed. Then, tradespace methodology is employed to establish a near-optimal strategy for
the second stage controls adapatation. Finally, the probabilistic outcome of the two-stage controls adaptation is analysed.

6.1

First stage controls adaptation

The first stage adaptation of a control strategy capable of increasing the fatigue life of support structures is performed in this section. Only a brief
analysis is included here as similar analyses can be found in the literature 2,7,29 In the first stage, decisions need to be made regarding what control
strategies to adopt to increase the support structure’s fatigue life. A number of control strategies are available for this purpose 2,3,4,5,7 . A widely
used strategy is to employ collective pitch control to increase the support structure’s damping, often referred to as tower feedback control 3,4 . As
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FIGURE 4 Horizontally averaged soil properties for all outcomes of the support structure’s fundamental fore-aft period T outside selected tail
quantiles in the distrubution of T resulting from 10000 random field realizations. Results are presented for random field realizations resulting in
natural periods below the 5%-quantile S% and above the 95%-quantile S% . Correlation lengths δφ = 2.0 and δsu = 5.0 [m] are used in the

analysis of the two-stage controls adaptation.

collective pitch control only effectively reduces loads parallel to the wind direction, it may also be beneficial to increase the damping in the crosswind direction by either individual pitch control 2 , or generator torque control 2,3,5 . The effectiveness of the various control strategies depends on
the type of foundation and the site-specific conditions, such as the water depth and the environmental characteristics 2,7 .
Here, only collective pitch control is adopted to increase the fatigue life of the support structure. Tower feedback control is implemented via an
auxiliary control loop, using the control scheme proposed by Smilden et al. 58 . The control scheme extends conventional tower feedback control to
provide both damping and stiffness to the support structure’s fore-aft bending modes. The tower feedback control actions βTFC are governed by
the following control law:
βTFC = −

1
β
FA
(α)



KP (x − xref ) + KD ẋ ,

β
FA
(α) =

∂FA
∂β

< 0,

(10)

α

where KP ≥ 0 is the proportional (stiffness) gain, and KD ≥ 0 is the derivative (damping) gain. The demanded pitch actions are scheduled by the

4×1 consists of parameters governing the aerodypartial derivative from pitch angle to aerodynamic thrust Fβ
A (α) < 0 where the vector α ∈ R

namic loads. The reference tower displacement trajectory xref is generated by a reference model which estimates the wind-induced progress of the

tower displacement. Further, an extended Kalman filter is applied to calculate the required state estimates such as the tower displacement x and
the tower velocity ẋ. The tower feedback controller is operated with different sets of controller gains depending on the operational mode of the
turbine. In the partial load region, only derivative action is used, rendering the control scheme a conventional tower feedback controller. In the full
load region, tower feedback control with proportional-derivative action is used.
The additional costs of tower feedback control are primarily related to increased wear of various wind turbine components. In particular, it
increases the fatigue loads in the pitch system and drive-train module, including the gearbox assembly 58,7 . Hence, the damage equivalent loads in
the main shaft and pitch actuator bearings are taken as parameters to evaluate the effects of tower feedback control 7 . The damage equivalent loads
in the main shaft are computed from the time histories of the shaft’s torsional loading with rainflow counting of stress amlitudes. In the case of the
pitch actuator bearings, the fatigue damage is governed by the overturning moments in the actuator and the number of revolutions for the bearing.
The load distribution duration method is therefore used to compute the damage equivalent loads in the pitch bearings. For both components, the
slope exponent of the S-N curve is taken as 3 in the fatigue calculations 7 .
Table 5 presents the result of the first stage adaptation of tower feedback control. Tower feedback control significantly increases the fatigue
life of the support structure. Monopile OWT foundations are typically designed for a fatigue life of 50 years 16,17 . Moreover, the standard DNV-OSC101 59 requires a safety factor of at least 3.0 for offshore steel structures with non-accessible areas. In addition, a corrective factor of 1.4 is applied
20-year
to the fatigue damage in order to achieve the target fatigue utilization (DMax
= 1) only if tower feedback control is used. Although there is a

slight excess of fatigue life, the dimensions of the foundations are not further optimized. As expected, the fatigue loads in the pitch actuator bearings and the main shaft are increased significantly as a result of the additional pitch activity.
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Figure 5 presents the fatigue utilization of the support structure with and without tower feedback control. The maximum fatigue utilization occurs in the cross-section located 4 meters below the seabed. In this cross-section, the maximum fatigue utilization occurs in the
southwest/northeast direction due to a high incidence of wind and wind-generated sea from southwest 60 .

TABLE 5 Results for the first stage adaptation of tower feedback control to increase the support structure’s fatigue life. Normal operation without
tower feedback control is referred to as baseline control. The change in damage equivalent loads for the pitch actuator bearings and main shaft
-year
are denoted by ∆DEL20
and ∆DEL20
Shaft , respectively. Further, the support structure’s fatigue utilization and change in fatigue utilization are
β

-year
-year
denoted as D20
and ∆D20
, respectively. A corrective factor of 1.4 is applied to the results in order to achieve the target fatigue utilization
Max
Max

20-year
(DMax
= 1) only if tower feedback control is used.

Fatigue utilization

-year
D20
[-]
Max

Controller adaptation
Baseline control
Tower feedback control

1.77
1.00

20-year
∆DMax
[%]

0.0
-43.5

Adverse side-effects

20-year
∆DELβ
[%]

0.0
+25.4

N

∆DEL20
Shaft [%]

0.0
+6.6

0

1
0.5
W

0

E

Depth below seabed [m]

-5

1.5

-10
-15
-20
-25
-30

Without TFC
With TFC

Without TFC
With TFC

-35
0

S
(a) Circumferential distribution of lifetime accumulated fatigue damage
D20-year in the cross-section located 4 meters below the seabed.

1
20−year
DMax
[-]

2

(b) Maximum cross-sectional fatigue
20-year
at selected depths
damage D
Max
below the seabed.

FIGURE 5 Results for the first stage adaptation of tower feedback control (TFC). Normal operation without tower feedback control is referred to
-year
as baseline control (Baseline). A corrective factor of 1.4 is applied to the results in order to achieve the target fatigue utilization (D20
= 1) only
Max

if tower feedback control is used.

6.2

Second stage controls adaptation

The procedure for the second stage adaptation of tower feedback control is established in this section. In the second stage, the aim is to reduce as
much as possible the use of tower feedback control while still adhering to the required level of structural safety. The second stage controls adaptation should be performed in a way that minimizes complexity and that leads to minimal adverse side-effects. A practical way of achieving these
objectives is to limit the use of tower feedback control to specific environmental conditions, here referred to as event-triggered tower feedback
control 61,62,7 . The best choice of trigger criteria depends on the control strategy being used and how its desirable and undesirable effects are prioritized 61,62,7 . First, the triggering environmental parameters must be selected. It could be possible to collect information about the sea state from a
nearby wave buoy or a wave radar 25 . Still, access to reliable and accurate estimates of the sea state parameters is a requirement that might be difficult to fulfill. Moreover, in order to avoid chattering between different operating modes it is desirable to limit the number of triggering parameters.
The mean wind speed is therefore taken as the only triggering parameter in the present work. Further, the wind speed criteria for triggering tower
feedback control are established using tradespace exploration as described by Smilden et al. 7 .
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It is unnecessary to perform a lifetime fatigue analysis for each combination of trigger criteria. Instead, a post-processing algorithm is applied to
compute the lifetime effects of temporarily enabled tower feedback control 7 . First, lifetime fatigue analyses are carried out with and without tower
feedback control. Then, the results from two analyses are merged in combinations corresponding to different trigger criteria. In total, 2048 combinations of trigger criteria are possible from the grouping of the metocean data.
The tradespaces for event-triggered tower feedback control are presented in Figure 6 . The effects of tower feedback control, both desirable and
undesirable, are sensitive to the soil conditions. This is expected as the magnitude of the support structure response depends on the global stiffness
and the degree to which the fundamental bending mode is excited. The scenarios with a single trigger criterion are highlighted in the tradespaces.
Lim , meaning that tower feedback control is used
With respect to the pitch actuators, it is optimal to use trigger criteria of the type VTFC ≥ VTFC
Lim . Notably, the opposite trend is observed for the main shaft, for which trigger criteria of the type V
Lim
for wind speeds above VTFC
TFC ≤ VTFC

are close to optimal. It is clear that the best choice of trigger criteria depends on the priority of the adversely affected components. However, the
tradespaces reveal general patterns independent of the site-specific soil conditions. With regard to the second stage controls adaptation it is thereLim
fore reasonable to define a single set of trigger criteria. Here, the pitch actuators are given priority and trigger criteria of the type VTFC ≥ VTFC

are used.

0
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FIGURE 6 Tradespaces used for establishing the procedure for the second stage adaptation of tower feedback control. The tradespaces are constructed by considering event-triggered tower feedback control with mean wind speed as the triggering parameter. Results are presented for
characteristic soil properties corresponding to 1% and 99% quantiles in the distribution of the natural period T . The change in damage equivalent
20-year
20-year
20-year
loads for the pitch actuator bearings and main shaft are denoted by ∆DELβ
and ∆DELShaft
, respectively. Further, ∆DMax
denotes the
Lim . Trigger criteria of the
change in fatigue utilization for the support structure. The stars highlight the scenarios with a single trigger criterion VTFC
Lim (red stars), meaning that tower feedback control is used for wind speeds greater than VLim , are adopted for the second stage
type VTFC ≥ VTFC
TFC

controls adapatation.

6.3

Probabilistic outcome of the two-stage controls adaptation

The probabilistic outcome of a two-stage adaptation of tower feedback control is analysed in this section. Monte Carlo methodology is employed to
compute the probabilistic outcome of the post-installation adaptation of tower feedback control. First, a set of random field realizations is generLim and therby minimize the use
ated. Then, for each realization, a simple optimization procedure is performed to maximize the trigger criterion VTFC
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of tower feedback control. The fatigue life criterion is required to be fulfilled only with a certain probability, thus making the optimization problem
chance constrained 30 . In line with the previous discussion, the margin of safety is taken as approximately 5%. It is computationally impractical to
perform a lifetime fatigue analysis for each random field realization. Therefore, response surface methodology is employed in the Monte Carlo analysis. In order to construct the response surfaces, lifetime fatigue analyses are carried out for selected quantiles in the distribution of the natural
period. Furthermore, the analysis considers both a one-to-one and an uncertain relationship between the estimated natural period and the predicted fatigue life of the support structure. The one-to-one correspondence should be interpreted as an idealized situation. In reality, there is still
uncertainty regarding the support structure’s fatigue life when the post-installation controls adaptation is performed. Most of this uncertainty was
present also in the pre-installation prediction of the fatigue life and need not be accounted for. The use of acceleration data to estimate the natural
periods introduces uncertainty that was previously not present and should hence be taken into account. The uncertain natural period estimate T̂
is modeled as normally distributed with mean given by the true natural period T , such that
T̂1 = T1 + ,

(11)

 ∼ N (0, η̂σT1 )

It is useful to express the post-installation estimation uncertainty as a function of the pre-installation uncertainty in the natural period. The standard deviation of the estimation error  is therefore given by the standard deviation of the natural period σT multiplied by a factor η̂ .
Figure 7 presents the outcomes of the post-installation adaptation of tower feedback control when there is perfect knowledge of the true natLim < 26 [m/s])
ural period (η̂ = 0.0). In the idealized situation, there is approximately a 60% probability of tower feedback control being used (VTFC
Lim = 4 [m/s]). Natural periods in between the 40%- and
and a 5% probability of tower feedback control being used to the full extent possible (VTFC

20-year
95%-quantiles lead to varying degree of tower feedback control, and maximum utilization of the support structure’s fatigue life (DMax
= 1.0).

Clearly, as a result of the post-installation controls adaptation, the support structures’ fatigue life is equalized over a range of natural periods. This
admits the possibility of decommissioning the turbines accross the wind farm at the same time without wasting structural reserves. In effect, the
two-stage controls adaptation can also be viewed as a means of reducing conservatism in the design of the support structures.
Figure 8 presents the outcomes of the post-installation adaptation of tower feedback control when there is uncertainty about the true natural
period. As expected, estimation uncertainty lead to an increase in the incidence of tower feedback control. At the present level of uncertainty, there
are instances of tower feedback control across the whole range of natural periods. Nevertheless, the overall degree to which tower feedback control is being used decreases with decreasing natural period. On average, a significant reduction in adverse side-effects is therefore expected even
in the presence of estimation uncertainty. Notably, there are very few instances of tower feedback control not being used at maximum capacity for
natural periods above the 95th-quantile.
Table 6 presents the probabilistic outcome of the two-stage adaptation of tower feedback control under varying levels of estimation uncertainty. Furthermore, the average increase in the pitch bearings’ and main shaft’s fatigue loads is presented as a function of the level of estimation
uncertainty in Figure 9 . In all cases, the post-installation controls adaptation leads to a significant reduction in the adverse side-effects of tower
feedback control. The proposed methodology adds complexity to the turbines’ control and sensor systems, and to the structural design process in
general. A substantial reduction in the adverse side-effects of tower feedback control should be demonstrated in order to justify this added complexity. Arguably, even when the estimation uncertainty is on the order of the pre-installation uncertainty in the natural period (η̂ = 1.0), the
post-installation controls adaptation leads to a large reduction in adverse side-effects, particularly for the pitch actuators. Of course, this result
depends on how the different components are prioritized in the second stage controls adaptation.

TABLE 6 Probabilistic outcome of the two-stage adaptation of tower feedback control. The average change in damage equivalent loads for the
 Lim

20-year
20-year
and ∆DELShaft
, respectively. Further, P VTFC
< 26 is the probability of
pitch actuator bearings and main shaft are denoted as ∆DELβ
 Lim

tower feedback control being used and P VTFC = 26 is the probability of it being used to the full extent possible. The probability of the maximum


-year
fatigue utilization being exceeded P D20
> 1.0 can be interpreted as the probability of failure. The results are generated from 10000 random
Max
field realizations.













Case description

-year
∆DEL20
[%]
β

-year
∆DEL20
Shaft [%]

Lim
P VTFC
= 4 [%]

Lim
P VTFC
< 26 [%]

-year
P D20
> 1.0 [%]
Max

Conventional one-stage adaptation
Two-stage adaptation η̂ = 0.0
Two-stage adaptation η̂ = 0.25
Two-stage adaptation η̂ = 0.5
Two-stage adaptation η̂ = 0.75
Two-stage adaptation η̂ = 1.0

22.1
3.0
5.4
8.8
12.2
15.1

6.2
2.3
3.3
4.4
5.0
5.4

100.0
5.0
10.6
22.0
36.0
52.8

100.0
58.4
76.3
88.2
92.7
94.4

5.0
5.0
6.2
6.2
6.2
6.2
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FIGURE 7 Monte Carlo outcomes of the two-stage adaptation of tower feedback control (TFC) when there is perfect knowledge of the true natural
period (η̂ = 0.0). The results are generated from 10000 random field realizations.
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FIGURE 8 Monte Carlo outcomes of the two-stage adaptation of tower feedback control (TFC) when there is uncertainty about the true natural
period (η̂ = 0.5). The results are generated from 10000 random field realizations.
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TWO-STAGE ADAPTATION OF A CONTROL STRATEGY FOR SERVICEABILITY LOAD REDUCTION

7

The two-stage adaptation of a control strategy capable of increasing the serviceability capacity of support structures is analysed in the following.
First, the lifetime effects of the adopted control strategy are analysed. Then, the procedure for the second stage controls adapatation is established.
Finally, the probabilistic outcome of the two-stage controls adaptation is analysed.

7.1

First stage controls adaptation

The first stage adaptation of a control strategy capable of increasing the serviceability capacity of support structures is performed in this section.
Unlike fatigue-reducing control measures, methodology for improving serviceability is not much discussed in the literature on wind turbine control.
While the support structures’ fatigue life is governed by normal loading conditions, their serviceability capacities are determined by the ability to
resist tilting under certain loading conditions. Control measures for improving serviceability can therefore be targeted more directly at the designdriving loads. Reducing the maximum aerodynamic thrust via so-called peak shaving is effective for reducing wind-induced overturning moments
in near-rated conditions 6,63 . Thus, peak shaving provides a means of increasing the serviceability capacity of support structures.
Peak shaving is achieved by pitching to feather to reduce the rotor’s aerodynamic efficiency in near-rated conditions. Implementing such a control strategy is fairly straightforward and requires only a simple mapping from a selected peak shaving parameter to the rotor’s collective pitch
angle 63 . In the present work, the power output POut is taken as the peak shaving parameter and the demanded pitch angle βPS is calculated using
the following relationship:


 Max  
Max
βP S = max min β POut ;βPS
, βPS , 0 ,




Max
Max
Max
β POut ;βPS
= a βPS
POut + b βPS

(12)

Max at which rated power is reached. Within the peak shaving region, the pitch
The level of peak shaving depends on the prescribed pitch angle βPS

angle is adjusted as a linear function of the power output. For a given level of peak shaving, the constants a and b are selected with the aim of minimizing adverse side-effects. A more favourable trade-off between load reduction and adverse side-effects can be achieved by using a higher order
peak shaving method, such as those described by Perley et al 63 . However, given the relatively low potential for improvement, further optimization
efforts are considered outside the scope of this paper.
Since peak shaving is achieved by reducing the rotor’s aerodynamic efficiency, it unavoidably leads to power losses that may significantly reduce
the lifetime energy yield. Support structures are typically reported to contribute approximately 20% to the cost of offshore wind energy 2,61 . Thus,
any percentage loss of power production revenue must be offset by a five-fold percentage reduction in the cost of support structures. The lifetime
energy yield is estimated from time histories of power output obtained from aero-hydro-servo-elastic simulations. First, the mean wind speed data
is grouped into intervals of 1 [m/s]. Then, for each interval, simulations of 3600 [s] duration are performed, taking the midpoint of the interval as the
mean wind speed. Turbulence and wind shear are accounted for in accordance with IEC 61400-1 51 , assuming Class B normal turbulence conditions.
The negligible effect of wave loads on the power output is not accounted for in the analysis.
Table 7 presents the result of the first stage adaptation of peak shaving. The selected level of peak shaving leads to a significant increase in the
serviceability capacity. No strategies have been adopted to increase the serviceability capacity in near-cut-out conditions. The near-cut-out serviceability capacity is therefore taken as the target capacity in near-rated conditions. Furthermore, a corrective factor is applied to the results in
1-year
order to achieve the target serviceability utilization (θMax
= 1) only if peak shaving is used. As expected, peak shaving reduces the lifetime energy
Max = 6◦ ), the cost savings enabled by increasing the serviceability capacity are unlikely to offset the
yield. At the present level of peak shaving (βPS
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loss of power production revenue.
Figure 10 presents the effect of the applied peak shaving strategy on selected wind turbine parameters as a function of wind speed. It is apparent
that peak shaving reduces the maximum steady-state thrust at the expense of power losses. Although these power losses are limited to a relatively
small range of wind speeds, they occur in wind conditions which contribute significantly to the lifetime energy yield. Their effect in terms of lost
power production is therefore considerable.

TABLE 7 Results for the first stage adaptation of peak shaving to increase the support structure’s serviceability capacity. Normal operation with1-year
1-year
out peak shaving is referred to as baseline control. The near-rated and near-cut-out serviceability utilization are denoted as θRated
and θCut
-out ,

1-year
20-year
respectively. Further, the change in maximum serviceability utilization and power production are denoted by ∆θMax
and ∆POut
, respectively.
20-year
A corrective factor of 0.49 is applied to the results in order to achieve the target serviceability utilization (θMax
= 1) only if peak shaving is used.

Controller adaptation
Baseline control
Peak shaving

1-year
θRated
[-]

1.6
1.0

Serviceability utilization
1-year
1-year
θCut
∆θMax
[%]
-out [-]
1.0
0.0
1.0
-37.4

Adverse side-effects

20-year
∆POut
[ %]

0.0
-2.1

8
6
4
2

0.5
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12
Wind speed [m/s]
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(a) Selected wind turbine parameters as a function of wind speed.
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FIGURE 10 The effect of the applied peak shaving (PS) strategy on selected wind turbine parameters as a function of wind speed. The wind speed
Max ) with the applied level of peak shaving (β Max = 6◦ ) is indicated.
at which rated power is reached VR (βPS
PS

7.2

Second stage controls adaptation

The procedure for the second stage adaptation of peak shaving is established in the following. For a given outcome of the site-specific soil condiMax . The result is, of course, a trade-off
tions, the required level of serviceability load reduction can be achieved by straightforward adjustment of βPS

between serviceability load reduction and power production.
The trade-off between reduction of serviceability utilization in rated conditions and lifetime energy yield is presented in Figure 11 . Increasing
the peak shaving yields diminishing returns in terms of serviceability utilization. There is clearly a threshold beyond which increasing the serviceability capacity cannot justify the added power losses. Like tower feedback control, peak shaving is most effective when the soil-pile stiffness is low.
Due to the nonlinear behaviour of the soil, reducing the overturning moment has a greater effect on the tilt angle when the soil undergoes large
deformations. Accordingly, the difference between the serviceability utilization in cut-out and rated conditions without peak shaving decreases as
a function of soil-pile stiffness. Notably, the cost of increasing the near-rated serviceability capacity to eliminate this difference appears not to be
Max = 6◦ ) in the first
very sensitive to variations the soil conditions. It is therefore reasonable to apply the same maximum level of peak shaving (βPS

and second stage controls adaptation.

Smilden ET AL .

17
10

0
8

-10
1-year
θCut-out

-20
-30

1−year
∆θRated
[%]

4

-10
1−year
∆θRated
[%]

6
Max
βPS

0

-20
-30

-40

-40

-50

-50

1-year
θCut-out

2

0

-8

-6

-4

-2

0

20−year
∆POut
[%]

(a) 1%-quantile.

-8

-6

-4

-2

0

20−year
∆POut
[%]

(b) 99%-quantile.

1-year
20-year
FIGURE 11 Trade-off between reduction of serviceability utilization in rated conditions ∆θRated
and power production change ∆POut
. Results

are presented for characteristic soil properties corresponding to 1%- and 99%-quantiles in the distribution of the natural period T .

7.3

Probabilistic outcome of the two-stage controls adaptation

The probabilistic outcome of the two-stage adaptation of peak shaving is analysed in this section. The procedure for calculating the probabilistic
outcome of the post-installation adaptation of peak shaving is similar to that of tower feedback control. First, a set of random field realizations is generated. Then, for each realization, an optimization procedure is performed to minimize the level of peak shaving and thereby the associated power
losses. Response surfaces are constructed by carrying out serviceability analyses under different levels of peak shaving for selected quantiles in the
distribution of the natural period. Uncertainty in the estimates of the natural period is modeled following the approach proposed in Section 6.3.
The outcomes of the post-installation adaptation of peak shaving when there is perfect knowledge of the true natural period is presented in
PS = 6◦ ) is employed only if the natural period is at or above its 95%-quantile. Furthermore,
Figure 12 . As expected, maximum peak shaving (βMax
PS = 0◦ ) falls at approximately the 70%-quantile. Instances of natural periods
the natural period below which peak shaving is not used at all (βMax

in between these quantiles lead to varying degree of of peak shaving, and maximum utilization of the support structure’s serviceability capacity
1-year
(θMax
= 1.0).

Figure 13 presents the outcomes of the post-installation adaptation of peak shaving when there is uncertainty about the true natural period.
Except for a few instances, maximum peak shaving is employed consistently for natural periods above the 95%-quantile. At the present level of
uncertainty, the natural period below which there are no instances of peak shaving is reduced to approximately the 5%-quantile. Hence, the total
incidence of peak shaving and its associated power losses is significantly increased compared with the idealized situation without estimation uncertainty.
Table 8 presents the probabilistic outcome of the two-stage adaptation of peak shaving under varying levels of estimation uncertainty. Furthermore, the mean change in the lifetime energy yield is presented as a function of the level of uncertainty in Figure 14 . The post-installation controls
adaptation leads to a substantial reduction of the average power production losses. As expected, the incidence of peak shaving and the mean change
in the lifetime energy yield increases with increasing estimation uncertainty. Although the average power losses are reduced, they might still be too
large to be offset by the cost savings enabled by peak shaving. Nevertheless, the results highlight an important implication of the proposed methodology. Since the adverse side-effects on average is reduced by up to an order of magnitude, a post-installation adaptation of load reducing controls
could enable the use of control strategies that were previously not economically viable. At least, it would enable using control strategies to a fuller
extent of their capabilities.

8

CONCLUSIONS

In this paper, the potential of making turbine-specific adjustments to the wind turbines’ control systems after their installation was analysed. The
analysis considered the structural design of a 10MW monopile offshore wind turbine under uncertainties in the geotechnical properties. An adaptation of the wind turbines’ control system in two stages was proposed. In the first stage, carried out during the structural design process, control
strategies were adopted to reduce the support structure’s load effects. In this stage, the structural capacities were uncertain due to inherent variability in the site-specific soil properties. Under the assumption that the true structural capacities could be estimated once the turbines were
installed, the second stage controls adaptation was carried out. The objective of the second stage was to minimize the use of the control strategies
adopted in the first stage, while still adhering to the required level of structural safety. Two control strategies were considered in separate analyses.
In both analyses, the two-stage controls adaptation was analysed using response surface methodology and Monte Carlo simulations. The response

18

Smilden ET AL .

TABLE 8 The probabilistic outcome of the two-stage adaptation of peak shaving. The average change in the lifetime energy yield is denoted as
 PS

 PS

-year
∆P20
. Further, P βMax
> 0 is the probability of peak shaving being used and P βMax
= 6 is the probability of it being used to the full extent
Out
 1-year

possible. The probability of the maximum serviceability utilization being exceeded P θRated > 1.0 can be interpreted as the probability of failure.

The results are generated from 10000 random field realizations.
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FIGURE 12 Monte Carlo outcomes of the two-stage adaptation of peak shaving (PS) when there is perfect knowledge of the true natural period
(η̂ = 0.0). The results are generated from 10000 random field realizations.

surfaces were constructed from results obtained via aero-hydro-servo-elastic simulations.
The first control strategy under consideration was tower feedback control to increase the support structure’s fatigue life. While effective, the
additional pitch activity led to increased fatigue loads for the pitch actuators and main shaft. As a procedure for the post-installation controls adapatation, it was proposed to use event-triggered tower feedback control. Tradespaces revealed that the best choice of trigger criteria depended on
the priority of the adversely affected components. Nevertheless, since some general patterns were observed, it was found reasonable to define a
single set of trigger criteria independent of the site-specific soil conditions. Monte Carlo simulation of the two-stage controls adaptation showed
that the incidence of tower feedback control and its adverse side-effects was significantly reduced as a result of the post-installation controls adaptation.
The second control strategy under consideration was peak shaving to increase the support structure’s serviceability capacity. Peak shaving was
effective for improving serviceability, but led to significant power losses. It was found unlikely that the cost savings enabled by the applied peak
shaving strategy could offset the loss of power production revenue without further actions being taken. Further, the trade-off between serviceability load reduction and power production was analysed in connection with the second stage controls adaptation. Increasing the peak shaving
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FIGURE 13 Monte Carlo outcomes of the two-stage adaptation of peak shaving (PS) when there is uncertainty about the true natural period
(η̂ = 0.5). The results are generated from 10000 random field realizations.
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FIGURE 14 Probabilistic outcome of the two-stage adaptation of tower feedback control. The average change in power production is denoted as
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. The results are generated from 10000 random field realizations.
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was found to yield diminishing returns in terms of serviceability utilization. As expected, Monte Carlo simulation showed that the post-installation
controls adaptation led to a significant reduction in the incidence of peak shaving and its associated power losses.
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